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ABSTRACT 

Structural analysis and design of semi-submersible platform for floating offshore 

wind turbines 

Qi Ye 

To solve the issues of energy shortages and environmental pollution, renewable energy is 

increasingly exploited. As one of the most promising new energy resources, wind energy 

is actively developed and utilized around the world. To increase the use of offshore wind, 

there is a need to develop floating platforms to support wind turbines in deep water. 

However, the cost of floating platform needs to be reduced sharply to be competitive with 

the traditional energy sources and fixed wind turbines. Moreover, the design code for 

floating wind turbines (FWTs) is primarily based on offshore ships, oil & gas industry, 

which still needs to be assessed and evaluated. To both ensure the safety and avoid 

overdesign of offshore wind, the structural behaviour and the evaluation of the design 

guideline of FWTs need to be studied. Because of the combined actions of the 

aerodynamic load, hydrodynamic load and tension of mooring lines, the structural 

behaviour of a FWT becomes extremely complicated in the marine environment. Previous 

studies for FWTs mainly focused on the dynamic response due to the environmental load, 

while the structural performance has not been well addressed. In this context, the aim of 

this thesis is to improve understanding of the nonlinear structural behaviour of a semi-

submersible platform for FWTs, and compare and evaluate the relevant design codes. 

 

Firstly, the structural behaviour of a semi-submersible platform (SSP) for an offshore 

wind turbine is studied. A novel one-way coupled fluid structure interaction simulation 

that combines hydrodynamic and structural analysis is undertaken, with a focus on 

structural nonlinearity – especially the geometrical nonlinearity. The analysis is divided 

into four steps. First, the hydrodynamic response is simulated in the frequency domain 

using ANSYS AQWA to generate the wave pressures acting on the floating platform. 

Second, the wave pressures are transferred from ANSYS AQWA to ANSYS Mechanical 
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to study the structural performance. Third, linear elastic analysis is carried out to identify 

the critical load cases. Finally, geometrically and materially nonlinear analysis is adopted 

to investigate the failure modes and corresponding critical failure locations in comparison 

with the linear elastic analysis. The effects of azimuthal angles of environmental loads, 

wave-wind misalignment and boundary conditions on the overall structural performance 

are also investigated. 

 

Secondly, the structural design of the main component of a floating platform for a FWT 

are carried out by hand calculations based on the worst load case from the global structural 

analysis. The prevailing design guidelines, the DNVGL (Det Norske Veritas and 

Germanischer Lloyd), and two versions of EN1993-1-6 (2007 and the latest, 2017) have 

been adopted for carrying out the structural design. The design process of a shell structure 

based on the three codes is presented in detail. The unstiffened and stiffened cylindrical 

shells are designed separately, and a cost-effective design for stiffened cylindrical shell 

is proposed to reduce the levelized cost of energy.  

 

Lastly, but not least, the buckling behaviour and ultimate strength of cylindrical shells 

under combined axial compression and bending are investigated by means of the finite 

element method (FEM), in conjunction with the design codes for reference. Starting from 

the geometry of the main component of a floating platform, a series of FE models 

considering geometrical and material nonlinearities with a wide geometric range and 

different types of initial geometric imperfections are simulated. The effects of geometric 

imperfection profiles and amplitudes on the ultimate strength of the unstiffened 

cylindrical shells are examined. The typical buckling modes due to the different initial 

imperfections are discussed. Moreover, a stiffened cylinder is proposed as a case study 

and compared with an unstiffened cylinder in respect of buckling behaviour and effects 

of initial imperfections. The accuracy of three design codes for plain shell structures, the 

DNVGL and EN1993-1-6 (2007 and 2017 versions), are evaluated using the FEM results. 

Then, a reliability analysis is adopted to propose modified partial safety factors 𝛾𝑀 to 

ensure that these design codes possess the required level of safety for offshore structures.  
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�̅�𝜃 circumferential shell slenderness parameters 

�̅�𝜃0 circumferential squash limit slenderness 

�̅�𝜃𝑝 circumferential plastic limit relative slenderness 

�̅�𝜏 shell slenderness parameters of shear 

�̅�𝜏0 shear squash limit slenderness 

�̅�𝜏𝑝 shear plastic limit relative slenderness 

αx meridional elastic imperfection reduction factor 

β reliability index 

βx plastic range factor 

γM partial factor 

δ0 initial out-of-roundness parameter 

Δwk characteristic imperfection amplitude 

ζ coefficient 
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η interaction exponent 

ξ coefficient 

ρ coefficient 

σxE,A design value of the meridional stress due to axial force 

σxE,M design value of the meridional stress due to bending 

σθ,Ed circumferential design stress 

σθ,Rcr elastic critical circumferential buckling stress 

σθ,Rd circumferential design buckling stress 

σθ,Rk circumferential characteristic buckling stress 

τxθ,Ed design value of shear stress 

τxθ,Rcr elastic critical shear buckling stress 

τxθ,Rd shear design buckling resistance stress 

τxθ,Rk shear characteristic buckling stress 

υ Poisson's ratio = 0.3 

χx meridional buckling reduction factor 

χθ circumferential buckling reduction factor 

χτ shear buckling reduction factor 

ψ coefficient 

ω length parameter 

Ф cumulative distribution function 

  

  

  

  

  

  

 

 



28 

 

CHAPTER 1 – INTRODUCTION 

1.1 Introduction to offshore wind turbines 

An offshore wind turbine consists mainly of rotor blades, nacelle, tower, and foundation 

or platform. Rotor blades and nacelle are used to capture wind energy to generate 

electricity. Based on the direction of the axis of the rotor, wind turbines can be classified 

as vertical axis wind turbines (VAWTs) and horizontal axis wind turbines (HAWTs). The 

foundation type is also an important criterion for offshore wind turbines (OWTs). 

Considering water depth, feasibility of economy and technology, the foundation can be 

designed as a bottom-fixed foundation or a floating platform. At present, most of offshore 

wind power is based on bottom-fixed OWTs (Jiang, 2021), including pile-type (monopile, 

tri-pile), tripod, gravity-based, suction bucket and jacket. The floating platform can be 

classified as tension leg platform (TLP), semi-submersible, spar buoy, and barge. The 

bottom-fixed foundation is not suitable in deep water (approximately > 50 m) but the 

floating platform is extended in water depth to approximately 60 – 900 m (Hussein et al., 

2013). The general shapes of bottom-fixed and floating offshore foundations are 

presented in Figure 1.1 and Figure 1.2, respectively.  
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Figure 1.1 Typical bottom-fixed offshore foundation (Ding, 2019) 

 

    

(a) TLP (b) Spar (c) Barge (d)Semi- submersible 

Figure 1.2 Typical floating offshore foundation (Ding, 2019) 

 

1.1.1 Bottom-fixed wind turbines 

(1) Monopile 

The monopile foundation is made up of the monopile itself, a transitional piece, 

connection, shaft and work platform. Because of its simplicity in design, fabrication, and 

installation processes (Gupta and Basu, 2020), the monopile is still the most popular 

substructure type. It was reported that there were about 3720 foundations in Europe in 

2017, accounting for 81.7% of all installed substructures (WindEurope, 2018). The 

foundation was made of a hollow steel cylinder with a diameter of 4 - 8 m, a length of 20 

- 40 m and a wall thickness of D/80-D/120 (Malekjafarian et al., 2021), in which 40 - 50% 

of the length was inserted into seabed to provide support conditions (Wang et al., 2018b). 

Note that the monopile is not cost effective in water deeper than 30 m (Pérez-Collazo et 

al., 2015) due to its high fabrication and installation cost. Furthermore, the scour effect 

around the monopile foundation can affect its support conditions and should be 

considered when designing the monopile. 

 

(2) Tripod 
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To support big wind turbines in deep water, where the monopile would not be suitable, 

the tripod foundation (in water 20-80 m deep (Sarker and Faiz, 2016)) has emerged. A 

tripod foundation is a three-legged steel structure supporting a monopile foundation. The 

forces and moments from the upper part due to winds and waves are delivered to the three 

steel piles. The main advantage of the tripod foundation is its larger base, which provides 

great resistance and thus improves the stiffness and stability of supported wind turbines 

(Pérez-Collazo et al., 2015). However, its cost in relation to the transportation and 

installation increases because of its large size (Wang et al., 2018b). 

 

(3) Jacket 

In general, a jacket foundation consists of a lattice truss with three or four leg piles which 

are driven into the seabed. It can be used at a relatively deeper water depth of 20-80 m 

(Sarker and Faiz, 2016).  The jacket support structures were originally used in the offshore 

oil and gas industry (Lee et al., 2016). The foundation is usually fabricated by welding in 

factory and then transported by barge to the designated location. Finally, the jacket is 

lifted by heavy lift vessel and installed into the foundation piles which have been driven 

by hammer in advance (Jiang, 2021, Wu et al., 2019). Operating in deeper waters and 

relatively cheap material costs are the main advantages of the jacket foundation when 

compared with the monopile or tripod foundation. The disadvantage of the jacket 

foundation is its construction and installation costs, which are rather high due to the 

complexity of welding connections and large dimensions. Compared with tripod 

foundations (Yeter et al., 2015), fatigue damage is more critical to the structural design 

of the jacket foundations, as a jacket structure has more welded connections, which suffer 

more defects and stress concentrations, and thus leads to a fatigue damage under the 

action of cyclic wave and wind loads.  
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The general geometries of tripod, jacket and monopile foundations (Hao and Liu, 2017) 

for a 4 MW wind turbine are shown in Table 1.1. The corresponding schematic diagrams 

are presented in Figure 1.3.  

 

Table 1.1 General geometries of tripod, jacket and monopile foundation (Hao and Liu, 2017) 

 Diameter (m) Thickness (mm) 

Tripod 

Main cylinder 4.0-5.8 50-80 

Three piles 2.7 35-40 

Upper bracing 

member 
2.2-3.0 35-55 

Lower bracing 

member 
1.4-1.9 28-35 

Jacket 

Main cylinder 5 65-85 

Inclined legs 1.6 35-45 

Four piles 2.2 32-36 

X-braces, K-

braces 
0.8-1.0 25-30 

Monopile 5.0-7.1 65-80 

 

 

(a) 
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(b) 

 

  

(c) 

Figure 1.3 Geometry of (a) tripod, (b) jacket and (c) monopile (Hao and Liu, 2017) 

 

(4) Gravity-based 
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Compared to the deep insertion of a monopile in the seabed, gravity-based foundations 

normally use heavy reinforced concrete with ballast (Koh and Ng, 2016) to maintain the 

stability of supported wind turbines, in which case the cost of the transportation and 

installation take up a great proportion in the whole process. The water depth ranges from 

0 to 30 m (Wang et al., 2018b). A large barge and crane are needed to transport the 

gravity-based structure. In addition, to have a flat base, excavating and backfilling the 

original seabed is necessary before the installation. Therefore, the total cost of the gravity-

based foundation is usually higher than that of the monopile, although the structure itself 

is less expensive (Wang et al., 2018b). 

 

(5) Suction bucket 

The suction bucket was first introduced to the offshore oil and gas industry in 1982 (Gao 

et al., 2021). Now, it is considered as an effective option for OWTs, shown in Figure 1.4. 

During the installation, the suction bucket is inserted into the seabed with the bucket filled 

by water and soil. The suction pressure is produced to provide a high bearing capacity 

and overturning capacity (Faizi et al., 2019, Lian et al., 2014, Wang et al., 2017a). This 

type of foundation has the advantages of large bearing capacity, repeated use, easy 

transportation and installation, and low cost (Wang et al., 2017b). Because the suction 

bucket is still in the early stages of development for wind energy, its commercialization 

requires more research studies. 
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Figure 1.4 Suction bucket foundation for OWTs (Gao et al., 2021) 

 

1.1.2 Floating wind turbines (FWTs) 

FWTs are proposed to capture wind energy in deep waters. A FWT consists of a floating 

platform, a wind turbine and a mooring system. The four dominant types of floating wind 

structures are semi-submersible platform, spar-buoy, TLP and barge (see Figure 1.2). To 

maintain the stability of structures in deep water under wind and wave actions, FWTs use 

buoyancy, ballast, mooring lines, tension legs or a large water plane area. 

 

(1) Semi-submersible platform 

A semi-submersible platform normally uses a number of floaters connected by trusses to 

form a relatively large hull compared with the others. It relies on a large water plane area 

and heavy ballast to counter overturning (Karimirad and Michailides, 2015), although the 

draft is shallow compared to spar-buoys (Lamei and Hayatdavoodi, 2020). The main 

merit of the semi-submersible platform is its flexibility, as the platform can be constructed 

onshore and easily towed by a basic tug boat (Pérez-Collazo et al., 2015). However, the 

cost of design and fabrication of the semi-submersible platform is normally higher than 
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that of the other platform types because of its relatively complex structure. The platform 

motions and structural behaviour, considering buckling strength and fatigue, under 

different wind and wave conditions should be considered when designing the semi-

submersible platform.  

 

(2) Spar-buoy 

Normally, a spar-buoy foundation is composed of a long steel cylinder connected to 

seabed by mooring lines and anchors. It is easy to fabricate the spar-buoy foundation, 

which benefits from the few components and simple structure (Zountouridou et al., 2015). 

Furthermore, the stability of this foundation is excellent during the operation phase on 

account of the deep draft and low position of the ballast, which provides a large restoring 

moment against overturning when the spar is inclined. However, because of the deep draft, 

a large water depth is required not only during the transportation but also at the final 

deployment site.  

 

(3) Tension leg platform (TLP) 

TLP is characterized by their vertical pre-tensioned tendons, which provide the stability 

of the platform (Nejad et al., 2015). It does not require a large structural weight and ballast; 

and therefore, the structure is simple, with fewer connections. Both the simplicity and 

excellent stability of the structure are beneficial in terms of fatigue (Nejad et al., 2015). 

However, as the pre-tensioned mooring cables would sustain a great tension, especially 

under extreme environmental loading, TLPs remain challenging. Moreover, the 

transportation (Han et al., 2017), installation and maintenance of TLPs will require 

additional consideration during the free-floating phase. 

 

(4) Barges 
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The barge-type platform is made up of a wide and shallow body. The large water plane 

area provides the required restoring moment for stabilizing the platform (Kopperstad et 

al., 2020). The barge has the advantages of a simple structure, low cost, easy 

transportation and installation. However, it is sensitive to incident waves and wind 

because of its shallow draft and high gravity centre, which render it unsuitable for harsh 

sea environments. 

 

1.2 Classification of FWTs 

The concepts of the above-mentioned four types of floating foundation used for FWT are 

based on the traditional oil and gas industry (shown in Figure 1.5) (Rhodri James, 2015). 

Heronemus (1972) proposed a concept of a multiple-array wind turbine structure (shown 

in Figure 1.6) at the University of Massachusetts in 1972. In 2008, the first test of FWT 

(rated capacity of 80 kW) was installed by Blue H technologies off the Italian coast (Diaz-

Casas, 2016). Followed by the Poseidon 37 projects in 2009, a FWT foundation that 

supports a 37 m wide wind energy plant was tested at DONG’s offshore wind farm at 

Onsevig (Diaz-Casas, 2016). The main concepts of floating foundation used for FWT are 

introduced as follows. 
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Figure 1.5 Deep Water Offshore Platforms for Oil and Gas Exploration (a) & (b) tension leg 

platform, (c) taut-moored spar, (d) & (e) catenary-moored semi-submersible (Shukla and Karki, 

2016)  

 

 

Figure 1.6 Draft for a multiple-array wind turbine structure (Heronemus, 1972) 

 

a b 
c d e 
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1.2.1 Spar-buoys 

In 2009, as a first large-capacity, 2.3 MW FWT, Hywind was developed by Equinor (then: 

Statoil) in Norway. The deep draft (70-90 m) of the spar buoy structure, a heavy ballast 

at the bottom, and a catenary 3-line mooring system provides sufficient stability to 

support the wind turbine. The water range of Hywind is 100-500 m (Muliawan et al., 

2013).  

 

 

Figure 1.7 Hywind (Muliawan et al., 2013) 

 

In 2013, a concrete-steel hybrid spar developed by Toda Construction was installed off 

Kabashima Island, Japan (Rhodri James, 2015). In this case, concrete was used as the 

ballast material to lower the centre of gravity and also to reduce the costs. In April 2016, 

this concept was operated commercially in Japan. The FOWT has a draft of 76 m and a 

hub height of 56 m, and a 2-MW wind turbine with a rotor diameter of 80 m is installed 

on the platform (Tanaka et al., 2020).  
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Figure 1.8 Hybrid (Rhodri James, 2015) 

 

A spar-buoy called Advanced Spar was proposed by Japan Marine United and installed 

in July 2016 (Edwards et al., 2023). This platform, shown in Figure 1.9, is divided into 

multiple discrete hulls. The wider plate increases the waterplane area to have a small pitch 

motion. Compared to the traditional Spar, Advanced Spar has a smaller draft to make 

construction, transportation, and installation easily. 

 

  

(a) Concept of Advanced Spar                             (b) Installation of Advanced Spar 

Figure 1.9 Advanced Spar (Edwards et al., 2023, Ishihara, 2016) 
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Furthermore, some concepts of Spar buoy platforms were proposed to support VAWTs, 

for example DeepWind Spar, SeaTwirl and Spinwind (Edwards et al., 2023). The 

prototypes of these concepts have been launched. 

 

1.2.2 Tensioned-leg platforms 

In 2008, the Blue H company installed the first prototype (80 kW wind turbine supported 

by TLP) off the coast of Italy (Bilgili et al., 2011). As can be seen from Figure 1.10, the 

buoyant platform is connected to three heavy ballast blocks by mooring tethers. After this 

prototype, the design was changed to the lowerable gravity anchors, but there has been 

no news on the platform for a few years. 

 

Figure 1.10 Blue H TLP (EWEA, 2013) 

 

The GICON Group started a research project on tensioned-leg platforms (TLP) in 2009 

(Adam et al., 2015). A TLP with vertical and angled tensioned ropes was developed. Like 

the usual TLP, the GICON TLP uses vertical mooring lines to constrain heave. The 

unique feature of this new TLP is that additional angled mooring lines were provided to 
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limit sway and surge (Adam et al., 2014). After various modifications and optimizations, 

the final prototype of this new TLP consisting of four linked columns with four vertical 

and four angled mooring lines (a total of eight mooring lines) was proposed in 2015 

(Figure 1.11). In 2017, a 1:50 scale model of the platform was carried in a test tank in 

France to validate the computational model and to determine the natural frequencies of 

the platform (Walia et al., 2021). This concept will be further developed to reduce the 

levelized cost of energy. 

 

   

(a)                                              (b)                                               (c) 

Figure 1.11 GICON TLP: (a) Initial concept of the platform (Adam et al., 2015), (b) Latest concept 

of the platform (Rhodri James, 2015), (c) Experimental model (Walia et al., 2021) 

 

Glosten PelaStar (Figure 1.12) is a five-armed TLP with synthetic tendons. The platform 

is centralized and thin compared to the above TLP platform, which minimizes wave loads 

and mooring loads. The synthetic tendon has high strength to bear tremendous tension in 

extreme weather conditions. A demo of Glosten PelaStar was carried out with a 0.1 MW 

in 2011(Bento and Fontes, 2019). The design for a full-scale demonstration turbine is still 

developing.  
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Figure 1.12 Glosten PelaStar(Park et al., 2016) 

 

1.2.3 Semi-submersible platforms 

WindFloat is a comparatively mature semi-submersible platform, having a three-legged 

floating foundation with water-entrapment plates at the bottom of every column. In 2011, 

the first full-scale prototype of WindFloat was developed by Principle Power to 

accommodate a 2 MW wind turbine and installed off the coast of Portugal. In this concept, 

permanent water ballast was installed to lower the centre of gravity. Furthermore, an 

active ballast system moves water from the three columns by using a water pump to 

improve the stability of platform (Roddier et al., 2010b). 
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Figure 1.13 WindFloat (Rhodri James, 2015) 

 

The IDEOL platform is a square ring floater constructed of prestressed reinforced 

concrete. The advantage of the IDEOL platform is the cheaper material cost of concrete. 

However, considering that the concrete is weak in tension, pre-stressed reinforced 

concrete is necessary to ensure crack control and water-tightness. There is an opening in 

the centre of the square floater, i.e., a moonpool, called ‘damping pool’. The purpose of 

this ‘damping pool’ is to expand the foundation and minimise the motion of floater 

(EWEA, 2013).  

 

 

Figure 1.14 IDEOL platform (EWEA, 2013) 



44 

 

 

In 2013, Mitsui Engineering & Shipbuilding developed the Compact semi-sub floater 

with a 2 MW wind turbine off the coast of Fukushima, Japan. There are four columns 

connected by steel trusses and a pontoon to provide buoyancy for whole structure. The 

wind turbine is located on the central column. 

 

 

Figure 1.15 Compact Semi-Sub (Rhodri James, 2015) 

 

In 2015, Mitsubishi Heavy Industries developed the V-Shape Semi-Sub floater with the 

7 MW MHI SeaAngel turbine (Rhodri James, 2015). There are three columns connected 

by a pontoon to provide buoyancy. Unlike the Compact semi-sub floater, the turbine in 

the V-Shape Semi-Sub floater is located on one column rather than at the centre of hull, 

which leads to fewer steel members and connections to be required. However, this may 

also cause different weight of the ballast in the three columns which should be considered 

in order to keep the stability of the platform.  
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Figure 1.16 V-Shape Semi-Sub (Rhodri James, 2015) 

 

1.3 Research scope and objectives 

Although many concepts of FWTs have been adopted, the levelized cost of energy (LCOE) 

for semi-submersible platforms is still high (Johnston et al., 2020). The LCOE calculation 

includes the capital expense (the costs related to development, manufacturing, 

transportation and installation) and the costs of operation, maintenance and 

decommissioning (Lerch et al., 2018). Compared with the bottom-fixed substructures, the 

material consumption of semi-submersible platforms is high. Due to the complexity of 

manufacturing, the manufacturing cost of semi-submersible platforms is the highest 

among the substructures of offshore wind, whereas the differences among the operation 

& maintenance costs, grid costs and turbine costs seem small. As for 5 MW floating wind 

turbine, the LCOE of semi-submersible platforms is around 160 £/MWh, which is higher 

than the LCOE of Spar-buoy (around 145 £/MWh) and TLP (around 155 £/MWh) (ABS, 

2021). However, it should be pointed out that there is still plenty of room for 

improvements in the structural optimization and cost-reduction of semi-submersible 

platforms. The existing research work on semi-submersible platforms has mainly focused 

on the hydrodynamic behaviours, but little on the structural behaviours. In this context, 

the work undertaken in this thesis aims to improve understanding of the nonlinear 
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structural behaviour of a semi-submersible platform for FWTs, compare and evaluate the 

relevant design codes. Both the entire platform and individual components are to be 

studied by considering geometric and material nonlinearities. In order to clearly explain 

the objectives of the research, the objects to be investigated and corresponding study 

process are provided in Figure 1.17. Firstly, the entire floating system including platform, 

mooring, tower and the impact of wave and wind is established for carrying out the global 

structural analysis. Secondly, as an important component of the floating platform, the 

largest cylindrical column is adopted to conduct the structural design under the loading 

conditions used in the global analysis. Finally, to have a comprehensive understanding of 

the buckling behaviours of cylindrical shells, a wide range of geometry including the 

design of cylindrical columns in the second step is considered and corresponding design 

codes for shell structures are discussed and evaluated. The specific objectives are listed 

as follows: 

Literature review 

• To review the work published so far on offshore structures and especially on the 

structural performance of FWTs. 

Global structural analysis 

• To investigate the dynamic motions and forces of the entire floating platform due 

to wave and wind loads, which will serve to establish the loading conditions for 

structural analyses in later stages.  

• To develop a new structural finite element model coupling the hydrodynamic 

model with the wave-induced pressure and inertia force, which is used to 

investigate the structural behaviour of the floating platform. 

• To study the effect of wave and wind loadings on the ultimate strength of the 

connections and structural components of the floating platform. 

• To study the structural nonlinearity effect on the stress and deformation 

performance of the floating platform. 

Component structural design 
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• To compare the various code-based approaches and the FE simulation based on 

the main structure of the floating platform under an environmental load condition 

used in the global structural analysis.  

• To provide a cost-effective stiffened shell considering material consumption and 

labour of welding. 

Component structural analysis 

• To carry out the buckling analysis of unstiffened and stiffened cylindrical shells 

under combined axial compression and bending. 

• To study the influence of geometric imperfection profiles and amplitude on the 

buckling behaviour of cylindrical shells. 

• To assess the accuracy of various shell design codes. 

• To assess the reliability of the relevant shell design codes and propose 

modifications if necessary. 

 

 

Figure 1.17 Study process of this PhD thesis 

 

1.4 Outline of the thesis 

This thesis is organised in six chapters: 
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Chapter 1 gives a general introduction and research background of OWTs, followed by 

the research objectives and methods adopted in the study. 

 

Chapter 2 presents a detailed literature review of offshore structures, including analysis 

methods of hydrodynamic and aerodynamic forces for offshore structures, global 

structural analysis for bottom-fixed foundations and floating platforms, ultimate strength, 

buckling behaviour and fatigue study for cylindrical shells, and the corresponding design 

guidelines adopted for offshore structures. The knowledge gap and the contributions of 

this research are presented at the end. 

 

Chapter 3 investigates the nonlinear structural response for WindFloat’s platform. A 

novel one-way coupled fluid-structure interaction simulation is undertaken by integrating 

a series of wave phases to create a full wave, which enables the investigation of structural 

behaviour of a floating platform under a complete wave cycle. Linear elastic analysis is 

firstly carried out to identify the critical load case, and then geometrically and materially 

nonlinear analysis is adopted to investigate the failure modes and the critical locations in 

comparison with the linear elastic analysis. The effects of azimuthal angles of 

environmental loads, wave-wind misalignment and boundary conditions on the failure 

modes are also investigated. The present structural modelling method could also be 

adopted by other FWTs if they have similar design consideration. 

 

Chapter 3 focuses on the global structural analysis of a platform, while Chapter 4 presents 

various design procedures of the large cylindrical shell, which is the main structural 

component used in semi-submersible platforms, in order to compare the design codes and 

propose a cost-effective solution for the stiffened shell. Firstly, the design process of three 

code-based approaches (the DNVGL guideline and the EN1993-1-6 (2007 and 2017 

versions)) are discussed. After the structural design of the unstiffened and stiffened 

cylindrical shell, a comparison of the design results based on the above three codes is 

presented. The design spreadsheets are developed as shown in Appendix.  
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Chapter 5 presents the buckling and ultimate strength analyses of cylindrical shells under 

combined loading conditions using finite element modelling. The analysis includes the 

effects of geometric imperfections, as well as global slenderness (L/r) and local 

slenderness (r/t) of the shell. The numerical prediction of the ultimate strength of 

cylindrical shells is compared with the design results obtained from the design codes 

presented in Chapter 4 to assess the accuracy of the design codes. A reliability analysis 

of the design codes is provided and the recommended modification is proposed to ensure 

these design codes possess the required level of safety. A case study of stiffened 

cylindrical shell with different geometric imperfections under axial compression is 

provided.  

 

Chapter 6 summarizes the main findings obtained and the conclusions drawn from this 

study. Future work is also suggested in the end of this chapter. 
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CHAPTER 2 – LITERATURE REVIEW 

2.1 Modelling of environmental forces for offshore structures 

Environmental forces may cause dynamic response of offshore structures, which may 

lead to structural failures and operating challenges. A predictable status is essential for 

FWTs during the transportation, installation and operation. Therefore, the assessment of 

environmental forces is necessary.  

 

2.1.1  Numerical modelling of environmental forces 

2.1.1.1 Hydrodynamic force 

The effect of environmental forces on the dynamic response of FWTs has been widely 

studied. Potential flow theory is a popular one to consider the hydrodynamic force, which 

assumes that the flow is incompressible, inviscid, and irrotational, with negligible 

surface-tension effects.  

 

The following hydrodynamic software are commonly used for offshore structures based 

on the potential flow theory: AQWA (Ren et al., 2018, Ren et al., 2020), WAMIT (Simos 

et al., 2018), MOSES, Hydrostar, HydroD (Sesam) (Xu et al., 2018), Orcaflex (Zhao et 

al., 2021), etc. Numerical models of FWTs have been proposed using these software to 

investigate the dynamic performance of platforms under the action of hydrodynamic force.  

 

In literature the effects of linear and nonlinear waves on OWTs have been investigated 

widely. Linear wave theory, also known as sinusoidal wave theory or Airy theory, is the 

simplest wave theory, which has a sinusoidal surface profile. The nonlinear wave can be 

defined using Stokes wave theory, Cnoidal wave theory, Solitary wave theory, or Stream 

function wave theory based on different nonlinear properties. Most numerical models for 

FWTs only consider the first-order wave effect. It may be less reliable for hydrodynamic 

simulation when compared with the fully nonlinear wave in extreme wave conditions. Xu 
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et al. (2019) studied the nonlinear wave effect on the platform motions and mooring 

tension of a semi-submersible FWT. It was found that in the extreme wave conditions 

(significant wave heights of 9.77m and 15.75m) the surge motion of the platform and the 

tension force of mooring line predicted by a nonlinear wave model are both 25% larger 

than that of a linear wave model. Zhao et al. (2020) adopted the second-order ANSYS-

AQWA solution to investigate the second-order effects of hydrodynamics on a semi-

submersible FWT. It showed that neglecting the second-order wave underestimated the 

pitch motion by about 16% in the frequency domain at extreme wave condition 

(significant wave height of 15.6m). However, the difference of the platform motion 

between the first-order and second-order wave is not evident at moderate sea state 

(significant wave heights of 2.5m and 5m). Mei and Xiong (2021) studied the effect of 

second-order hydrodynamics on a semi-submersible FWT using AQWA. Similarly, 

compared with the second-order hydrodynamics, the pitch, heave, and yaw motions are 

underestimated if the first-order hydrodynamics are adopted under an extreme wave 

(significant wave heights of 9.7m and 16.7m). Moreover, due to the pitch and yaw 

motions induced by the second-order hydrodynamic loads, the fatigue damage of the 

tower base can be increased by 57.1%.  

 

Different from semi-submersible platforms, the heave motion of the TLP platform is 

restricted by the high tension leg load. The nonlinear wave excites a higher pitch and 

surge motion at extreme wave conditions and has a further great influence on the bending 

moment of the tower base and the tension leg load. For example, the tension leg load 

caused by the second-order wave load increases by 100% in high frequency response 

under an extreme condition (13.8m significant wave height) (Han et al., 2022). Under the 

nonlinear wave impact, the standard deviation of the tower base bending moment 

increases by 24% compared to the linear wave (Vardaroglu et al., 2022). 

 

As for a Spar platform, the higher order of the hydrodynamic loads is rarely considered. 

This is because its impact on the dynamic response of the Spar is relatively small (Roald 
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et al., 2013). However, the nonlinear effect of viscosity is significant. Hence, potential 

flow theory combined with Morison’s equation to consider the viscous effect is a suitable 

option to study nonlinear hydrodynamics. Compared with the nonlinear wave, the surge, 

pitch motions and the bending moment of the tower base would be underestimated by the 

linear wave (Hegseth and Bachynski, 2019).  

 

In summary, neglecting the nonlinear effect of hydrodynamics may underestimate the 

platform motions of FWTs especially at extreme wave conditions. The larger the wave, 

the more obvious the nonlinear effect. The platform motions would have further influence 

on the bending moment of the tower base, the tension force of the mooring lines, and the 

fatigue damage of the platform. However, the linear wave theory is still applicable for 

small and medium amplitude waves because the second-order hydrodynamic loads are 

relatively small when compared with the first-order hydrodynamic loads. 

 

As the main environmental forces, the misalignment of wave and wind during operational 

conditions has been considered by some scholars. Normally, the misalignment between 

wind and wave is within 30°, and it is rarely larger than 60° (Wang et al., 2016a). 

Therefore, the angles between wind and wave directions were up to 90° in some studies 

(Mitra et al., 2021). It was found that except for the pitch, the other motions (Wang et al., 

2016a) and the tower base bending moment (Li et al., 2020b) increased if wave and wind 

were misaligned for a semi-submersible floater. In this thesis, the misalignment of wave 

and wind loads is considered to study its effect on the structural behaviour of the floating 

platform in Chapter 3. 

 

However, the effect of environmental forces on the structural performance of the floating 

platform is not well understood. Qi et al. (2018), Ma et al. (2019a) used AQWA to 

calculate the wave pressure on the semi-submersible offshore platform in order to obtain 

the data such as the stresses in structural components and connections and their fatigue 
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behaviours. The hot spot and fatigue crack growth in critical locations were predicted. 

However, these floating structures are not designed for offshore wind turbines.  

 

Liu et al. (2018) carried out the structural strength analysis of a semi-submersible VAWT. 

Their results showed that the highest structural stress occurs when the wave, wind, and 

current are in a collinear direction and is located in the main and secondary supporting 

bars as shown in Figure 2.1. In the wave loading calculation, the first-order wave forces 

were considered based on the potential flow theory for the large-scale components. For 

the small-scale components, the wave loads were calculated by using Morrison formula. 

However, the structural behaviour simulation was simplified. For instance, the material 

was assumed to be linearly elastic; the environmental loads were equivalently applied to 

the MASS element, and the mooring systems were neglected. This kind of simplification 

used in the structural model may affect the accuracy of the calculated wave loads. 

 

 

Figure 2.1 The semi-submersible VAWT (Liu et al., 2018) 

 

Lee et al. (2020) evaluated the structural strength of a semi-submersible platform called 

DeepCwind using structural finite element modelling technique. They found that the 

structural components YU and YL (shown in Figure 2.2) were most likely to occur 

structural failure. In their study, one-way hydrodynamic structure interaction analysis in 

AQWA was used for conducting the hydrodynamic diffraction analysis to calculate the 

pressure. Then, a pressure load mapping was performed to transfer the pressure from the 
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hydrodynamic model to the structural model. However, the inertia force and the 

geometric and material nonlinearities were not considered in the load transfer and the 

structural strength evaluation.  

 

 

Figure 2.2 Abbreviations for members of DeepCwind (Lee et al., 2020) 

 

For slender structural members (λ>5D, where λ is the wave length and D is the diameter 

of the member) (DNVGL-RP-C205, 2020) the drag force and inertia force are dominant 

in the wave and current induced loads. The total wave loads can be calculated using 

Morison’s load formula (J. Morison, 1950). Morison’s equation is a semi-empirical 

formula in which the hydrodynamic coefficients should be obtained from water tank tests 

or design guidelines, such as API or DNVGL. Morison's equation was used by Mitra et 

al. (2021) to estimate the inertia and drag forces on a spar and torus to study the vibration 

of spar-torus combination. Suja-Thauvin et al. (2018) adopted the modified Morison's 

equation to estimate the extreme responses such as the stress distribution of a monopile 

offshore wind turbine. For structures whose dimensions are between the slender and large 

members, the potential flow can be combined with Morison's equation to consider the 

important dynamic features (Li and Bachynski-Polić, 2021, Hu et al., 2022, Cheng et al., 

2019b, Zhang et al., 2020). 
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Although potential flow theory is widely used in hydrodynamic analysis ranging from 

linear theories to fully nonlinear methods (Hirdaris et al., 2014), it is unable to identify 

the viscous forces. CFD (computational fluid dynamics) codes developed by solving 

Navier–Stokes equations are more accurate, but they are computational expensive. Benitz 

et al. (2014), Benitz et al. (2015) performed CFD simulations in OpenFOAM to predict 

the hydrodynamic forces on the semi-submersible platform called DeepCwind (Figure 

2.2). Their results showed that the multimember arrangement leads to a decrease of the 

drag loads. Note that the oscillatory loads from the inline and transverse flow directions 

due to vortex shedding captured in CFD simulation cannot be captured by using the 

potential flow theory and Morison’s equation. Bruinsma et al. (2018) compared a physical 

model test and a fully nonlinear numerical modelling performed by a CFD solver to study 

the dynamic response of a rigid floating structure for FWTs in waves. The vertical loading, 

the heave and pitch motion of the platform due to the regular incoming waves from CFD 

results compare well with the physical model. As for structural analysis, the bending 

moment of tower base and the tension force of the tension legs of a TLP wind turbine 

were studied by Nematbakhsh et al. (2015) using CFD modelling and potential flow 

approach. A regular wave considering the nonlinear effects was adopted in this study. It 

was found that, when compared with the surge and heave, the tension force of the tension 

legs was mainly governed by the pitch response. The bending moment of tower base was 

used to validate the CFD method and the potential flow theory with finite element method 

and good agreement was demonstrated. Chen and Hall (2022) used the coupled CFD 

solver OpenFOAM with the mooring dynamic solver MoorDyn to predict the mooring 

line tension of a floating structure. It should be stressed herein that, CFD simulation is 

mainly used to analyse the wave loads and motion responses of FWTs.  

 

In literature there are some studies on hydro-structure coupling of CFD and FEA, but the 

works are largely on ship hulls. The key issue in the coupling analysis of CFD and FEA 

is the transfer of the hydrodynamic load from the CFD model to the FE model. The 

coupling method of CFD and FEA can be divided into one-way coupling and two-way 
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coupling. In the former, the wave-induced pressure and inertia force calculated in the 

CFD solver are directly transferred to the FE model in which the structure is determined 

as a rigid body and the structural deformation is neglected. In the latter, the structural 

deformation is considered and fed back into the next step of CFD simulation. For example, 

Huang et al. (2022), Jiao et al. (2021) used CFD-FEA (STAR-CCM+ for CFD solver and 

Abaqus for FEA) two-way coupled method to predict the ship motions and wave load 

under a nonlinear regular wave. The fluid pressure and wall shear force calculated by the 

CFD solver were transferred to the FE solver, and then the node displacement is 

calculated and exported to the CFD solver to update the geometry of the hull. The FE 

model consists of a massless surface shell and a backbone beam. The backbone beam 

provides the total longitudinal stiffness and feeds back the deformation to the surface 

shell. Thus, the structural behaviours of the shell under wave loads cannot be captured. 

Bakica et al. (2020) developed CFD-FEA (OpenFOAM for CFD solver and NASTRAN 

for FEA) one-way coupled method to transfer the hydrodynamic loads from the CFD 

mesh to the FE mesh of a hull. A novel method of the load transfer, which increases the 

structural integration points to capture the pressure area having the large pressure 

gradients, is provided. However, only linear elastic structural analysis was carried out to 

reduce the computational expense. Volpi et al. (2017) developed both CFD-FEA 

(CFDShip-Iowa for CFD solver and ANSYS for FEA) one-way and two-way coupled 

methods to study the structural behaviour of a composite hull. It was found that when 

compared with the one-way coupled method, the pressure and maximum strain value on 

the hull was reduced by 12% in the two-way coupled method. In theory, the hydro-

structure coupling of CFD and FEA mentioned above can be also applied to FWTs to 

consider the structural load transfer. However, unlike the ship hulls, the effect of the wind 

loading on FWTs is significant as the wave loading, which may have a more complicated 

dynamic behaviour. Thus, the coupling of wind turbine aerodynamics, hydrodynamics 

and structural response will be a special concern in the analysis of FWTs. Moreover, the 

structural model is simplified as beam element or linear material to reduce the 
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computational cost in the coupling method. These barriers are considered in this thesis to 

study the structural behaviour of a floating platform for FWT in Chapter 3. 

 

2.1.1.2 Aerodynamic force 

Except for the hydrodynamic force, the aerodynamic force is another important 

environmental force for FWTs. The Blade Element/Momentum method (BEM) is a 

popular method for studying the aerodynamic force because of its simplicity (Borg and 

Collu, 2015, Chen et al., 2019, Jessen et al., 2019). The BEM theory consists of the 

momentum theory and the blade element theory. Rankine (1865) and Froude (1889) 

proposed the one-dimensional momentum theory of the propeller which used an actuator 

disc to represent the propeller. Drzewiecki developed the blade element theory in 1892 in 

which the blades of propellers were divided into several sections in order that the 

aerodynamic forces can be calculated independently (Okulov et al., 2015). Finally, 

Glauert combined these two theories and developed the BEM theory in 1926 (Mian et al., 

2021). 

 

Liu et al. (2017) used BEM theory to estimate the aerodynamic loads and the fatigue loads 

of the tower for an offshore horizontal axis wind turbine supported by a bottom-fixed 

foundation. BEM theory was amended by introducing the dynamic inflow and dynamic 

stall models to account for the transient aerodynamics. It was concluded that the bending 

moment of the tower base calculated without considering aerodynamic damping is more 

than five times that considering aerodynamic damping, and thus the interaction between 

structural motion and rotor aerodynamics is recommended to evaluate the aerodynamic 

damping. Since the dynamic response of the floating platform is relatively large the 

mechanical behaviour of the bottom-fixed foundation may not be applicable to the 

floating platform. 
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Ma et al. (2017), Li et al. (2018c), Borg and Collu (2015), Chen et al. (2019), Jessen et 

al. (2019) studied the motions of floating platform using BEM to calculate the 

aerodynamic force. In the corresponding structural analysis, the tensile forces of the 

mooring lines (Li et al., 2018c, Chen et al., 2019) were studied. 

 

Although the BEM theory is simple and requires less computational effort, the accuracy 

of the calculated results decreases with the increase of wind speed. The main reason for 

this is because the realistic 3D geometry of the blades cannot be considered in the 2D 

aerodynamic characteristics of BEM and thus spanwise flow is neglected, which leads to 

an overprediction of the spanwise distribution of forces and pressures due to wind near 

the rotational tip of blades when the wind speed is larger than 15 m/s (Plaza et al., 2015). 

Moreover, the BEM theory assumes the wind flow is steady and neglects the turbulent 

inflow. However, air movement is usually turbulent. Thus, the performance of turbine 

blades under the turbulence is not considered in the BEM theory. In spite of these 

limitations, the BEM theory has been used widely as a high-efficiency and reliable model 

for calculating the aerodynamic loads on wind turbine. 

 

In order to obtain the aerodynamic data from 3D flow, the vortex methods and potential 

flow can be adopted. Vortex methods include Free Vortex Model (FVM), Vortex Lattice 

Model (VLM), Vortex Panel Method (VPM) (Shi et al., 2021). Most of them were 

adopted to study the relationship between wake and dynamic behaviours or power 

performance of FWTs. For example, Lee and Lee (2019) found that the platform motion 

of a spar-buoy FWT result in varying the peak values of the power output and thrust 

forces from 17.82 to 58.64% and 7.16 to 28.46% respectively. Wen et al. (2018) obtained 

the curves of the power variation with the pitch motion of FWT by using FVM in order 

to investigate a better power performance. Farrugia et al. (2016) determined the 

relationship between the surge conditions of platform and the rotor operating conditions 

based on free-wake vortex. Jeon et al. (2014) used VLM to predict the aerodynamic load 
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under unsteady aerodynamics of FWTs and their results have shown good agreement with 

experimental data.  

 

The aerodynamic force sometimes can be simplified as equivalent thrusts (Ren et al., 

2020) according to the design data of rotor thrust provided by the National Renewable 

Energy Laboratory (NREL). Although this simplified method is computationally efficient, 

it might not be suitable when a wind turbine is in an extreme environmental condition 

with high frequency platform motions (Lee and Lee, 2019, Dong et al., 2019).  

 

The viscous effects are not considered in the above methods. To overcome this limitation, 

CFD method can be used to undertake a more accurate solution for aerodynamic force. 

Based on the literature review, a coupled CFD-FEM method was used to study the impact 

of aerodynamic force on the blades. This method has been integrated and developed by 

some software such as Ansys Fluent + Ansys mechanical module (Wang et al., 2016b), 

Ansys CFX + Ansys mechanical module (Khalid et al., 2013), OpenFOAM + 

BeamFOAM (Dose et al., 2018), in which the one-way or two-way coupled fluid-

structure interaction simulation can be achieved. Specifically, the aerodynamic force on 

the blade was transferred from CFD to FEM and after the structural analysis, the new 

geometry of the deformed blade is imported to CFD software to conduct the next 

simulation. The above two complete analyses are called a two-way coupled simulation. 

If the second step is not considered, it is called a one-way coupled simulation. The 

deformations (Dose et al., 2018, Lee et al., 2017), internal forces (Santo et al., 2020) and 

stresses (Wang et al., 2016b) of the blade have been studied by some scholars. However, 

the hydrodynamic force and the foundations or the platforms of OWTs have not been 

considered in their coupling models.  

 

As for the effect of aerodynamic force on the floating platforms, the existing studies 

mainly focus on the aerodynamic performance under the motions of FWT induced by 

wave loads. Pitch and surge motions (Chen et al., 2021, Tran and Kim, 2015) would be 
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significantly affected by the incoming wave. Therefore, they are most commonly 

considered in the CFD simulations. The motions of FWTs may cause the varying thrust 

loading, power generation (Shi et al., 2021) and additional fatigue loads in the structural 

components of wind turbines such as blades and rotor. Conversely, the aerodynamic 

forces can have an effect on the hydrodynamic response of FWTs too (Cheng et al., 

2019a). Currently, the study of the structural performance of floating platforms for FWTs 

using CFD simulation is still rare. This is because it is a complex study which needs to 

consider wave, wind, fluid structure interaction, wave-wind coupling, etc. A huge 

computational resource and time are required to carry out CFD simulation although it can 

provide a more accurate prediction compared with other methods such as BEM. Therefore, 

the requirement for accuracy and computational effort will be synthetically considered to 

choose a suitable simulation method in Chapter 3.  

 

2.1.2 Experimental study under environmental forces 

Experimental tests have been widely used to investigate the structural response of FWT 

structures and to validate the numerical models of FWTs under various different 

conditions of wave and/or wind actions.  

 

Chen et al. (2018) conducted an experiment to study the structural behaviours, 

particularly the forces and moments on the components, of a floating platform subjected 

to wave forces only. It was found that the forces and moments increase linearly with the 

wave amplitude. Ding et al. (2020) studied the hydrodynamic and structural 

characteristics of a floating platform (Figure 2.3) under wave forces. The loads on the 

connections were assessed and it was found that the maximum load occurred on the 

interior connection.  
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Figure 2.3 Perspective view of the semi-submersible platform (Ding et al., 2020) 

 

An experimental study of a jacket-type offshore wind turbine (Figure 2.4) was carried out 

by Liu et al. (2014). Considering environmental forces of wind, wave and current, the 

buckling failure of the jacket-type offshore structures was examined, the results of which 

could be used to support the structural design of the steel jacket-type offshore structures. 

Similarly, Asgarian et al. (2016) built a scaled offshore platform to identify the position 

in the structure where the buckling occurs. 

 

 

Figure 2.4 Experimental model (1:15 scale) of a jacket-type foundation (Liu et al., 2014) 
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The tests of structures mentioned above can be classified as bottom-fixed foundations and 

floating platforms without wind turbine. It may not be applicative for the FWTs which 

involve wind forces and aerodynamic response.  

 

A wave tank experiment of a TLP platform for wind turbines (Figure 2.5) was developed 

by Adam et al. (2014) to study the internal force evolution in the structure. It was found 

that the internal forces subjected to single wind and wave loads could be superposed when 

the horizontal movement of the platform was not significant. However, this outcome was 

not suitable for the semi-submersible structures because their dynamic behaviour was 

sensitive to the environmental loads.  

 

 

Figure 2.5 The 1:37 scaled TLP platform (Adam et al., 2014) 

 

A physical model of one column of a semi-submersible platform for FWT (Figure 2.6) 

was built by Lopez-Pavon and Souto-Iglesias (2015) to investigate the hydrodynamic 

coefficients and pressure loads on the heave plates with or without radial and circular 

reinforcements (shown in Figure 2.6) which is used to reinforce the heave plates. In 

hydrodynamic part, the results showed that the circular reinforcement sharply reduces the 

hydrodynamic damping when compared with the solid plain plates; and the motion 

amplitude has a great effect on damping and added mass coefficients. In structural part, 

the pressures on the top and bottom sides of the heave plate with reinforcements are 
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similar in magnitude. However, the radial and circular reinforcements caused a larger 

pressure difference in its local position.  

 

    

Figure 2.6 Model with reinforced heave plate (left), with solid plain one (middle) and sketch of 

entire FWT (right) 

 

The experimental test on the structural behaviours of FWTs is difficult to conduct. The 

main challenges of basin experiment technology are the highly specific facilities 

including wave tank, measurement devices, wind-wave generation system, manufacture 

of FWTs and etc. Furthermore, compared with the hydrodynamic data, the structural data 

such as the stresses and deformations are more difficult to obtain. This is why there are 

not many test data available in literature. Nevertheless, Table 2.1 lists some experimental 

tests of FWTs reported in literature. 
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Table 2.1 Summary of experimental tests of FWT 

Experiment Name Scale Platform Type Wind turbine Hydrodynamic 

setup 

Aerodynamic 

Setup 

Hydrodynamic 

outcome 

Structural outcome 

Fukushima-FORWARD 

(Ishihara and Zhang, 2019) 

1:50 Semi-submersible 2 MW towing speeds: 0.2 

m/s, 0.5 m/s and 

1.0 m/s) 

- Added mass 

coefficient, drag 

coefficient 

Tension of 

mooring lines 

HiPRWind (Simos et al., 2018) 1:19.8 Semi-submersible 1.5 MW regular, 

bichromatic and 

irregular waves 

- First-order 

motions, 

amplitudes 

- 

Concrete star (Azcona et al., 

2014) 

1:40 Semi-submersible 6 MW Regular, irregular 

waves 

12.7 m/s, 5 m/s, 8.5 

m/s, 25 m/s, 

turbulent wind 

Surge, pitch, heave - 

UMaine-Hywind (Ruzzo et al., 

2016) 

1:30 Spar-buoy - field site (max. 

tidal amplitude: 

0.20 m) 

- Six degree of 

freedom (DOF) 

motions 

- 

Spar at NRMI (Utsunomiya et 

al., 2009) 

1:22.5 Spar-buoy 2 MW Regular, irregular 

waves 

35.6 m/s (29.4N) Six DOF motions - 

Tension-leg of MARIN 

(Koo et al., 2012, Goupee et 

al., 2014) 

1:50 

 

Tension-Leg 

Platform 

5MW regular and 

irregular waves 

Steady, Dynamic 

Wind 

 

Surge, heave, pitch 

 

Tower base 

bending moment, 

mooring line 

tension 
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Spar buoy of MARIN (Koo et 

al., 2012, Goupee et al., 

2014) 

1:50 

 

Spar Buoy 5MW regular and 

irregular waves 

Steady, Dynamic 

Wind 

 

Surge, heave, pitch 

 

Tower base 

bending moment, 

mooring line 

tension 

Semi-submersible of MARIN 

(Koo et al., 2012, Goupee et 

al., 2014) 

1:50 

 

Semi-submersible 5MW regular and 

irregular waves 

Steady, Dynamic 

Wind 

  

Surge, heave, pitch 

 

Tower base 

bending moment, 

mooring line 

tension 

WindFloat (Roddier et al., 

2010b) 

1:105 

 

Semi-submersible 5MW 100-year wave, 

regular wave 

 

Actuator Disk + 

Rotating Mass 

Surge, heave, pitch 

 

Fatigue life of 

truss, tower 

ConFloat (Zhou et al., 2017) 1:60 Semi-submersible 5MW regular and 

irregular waves 

11.5 m/s 

Drag discs 

Heave, pitch, surge - 

Semi-submersible in SINTEF 

Ocean (Luan et al., 2018) 

1:30 Semi-submersible 5MW Irregular wave, 

JONSWAP wave 

spectrum 

Turbulent wind, 

Kaimal 

wind spectrum 

Surge, heave, pitch 

 

sectional forces 

and moments of 

columns 

TLP of Korea Institute of Energy 

Research (Madsen et al., 2020) 

1:60 TLP 10MW Irregular wave 

Hs=3.3 to 10 m 

(full scale) 

Steady wind 8.5 to 

33 m/s (full scale) 

surge and nacelle 

accelerations 

mooring line 

tension 

TLP with heave-type WEC (Ren 

et al., 2020) 

1:50 TLP  Height: 0.02 m to 

0.45 m, period: 0.5 

s to 5.0 s 

Speed: 0 to 27 m/s Six DOF motions - 
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2.2 Global structural analysis of offshore structures 

2.2.1 Optimization design and strength analysis 

2.2.1.1 Bottom-fixed structures 

The studies on the optimization design and strength analysis of OWTs mainly focus on 

bottom-fixed structures, particularly the jacket substructures. Optimum structural design 

on offshore wind turbine jacket substructure, based on the analytical gradient-based 

method, was reported by Chew et al. (2015). It was shown that the mass of the optimized 

jacket substructure could be reduced by 52 % when compared with the initial design.  

 

The structural design of steel gravitational support for an offshore wind turbine was 

carried out by Niklas (2017), in which the maximal stress level, the maximal column 

deflection and the total mass of the structure were reduced by 71%, 11% and 9% 

respectively, when compared with the initial design that was planned to be operated on 

North Sea or Baltic Sea waters.  

 

Based on the structural optimization design of jacket substructures, Häfele et al. (2019) 

and Kok Hon Chew (2014) found that the three-legged structure was more preferable than 

the four-legged structure. Häfele et al. (2019) optimized the jacket substructures using a 

cost modelling which included material costs, fabrication costs, coating costs, transport 

costs and installation costs. Kok Hon Chew (2014) considered the different angles of 

wind-wave incident and substructures minimization of structural mass and concluded that 

the three-legged jacket substructure was a better concept, which reduced 17% of the 

structural mass and 25% of welded joints. 

 

Based on the solid isotropic microstructure with penalization method, topology 

optimization design for jacket structures was developed by Tian et al. (2019). Their results 

showed that the mass and the maximum equivalent stress of the jacket structure could be 

reduced by 13.7% and 46.31%, respectively.  
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Meanwhile, Natarajan et al. (2019), Kaveh and Sabeti (2018), Oest et al. (2018) carried 

out the optimization design of jacket structures for offshore wind turbines to reduce the 

structural mass.  

 

As for strength analysis, the structural damage of a jacket-type platform due to earthquake 

was assessed by M. Aghajani Delavar (2018) based on a 3-D analytical model. It was 

shown that the lower storey had the greater shear force and the structural behaviour of the 

offshore platform was similar to that of a steel braced frame.  

 

Yu and Amdahl (2018) studied the structural response of offshore tubular members 

subjected to ship impact using finite element modelling and design standard DNV-GL RP 

C204. A new concept, named as “transition indentation ratio” used to define the 

deformation from local denting to global bending, was introduced to better understand 

the deformation patterns of the tubular members. 

 

Arany et al. (2017) provided a structural design procedure for monopile foundation 

including the use of three design criteria, namely Ultimate Limit State (ULS), 

Serviceability Limit State (SLS) and Fatigue Limit State (FLS).  

 

2.2.1.2 Floating structures 

The structural analysis of the truss and tower of a semi-submersible platform called 

WindFloat (shown in Figure 1.13) using FE analysis was given by Roddier et al. (2010b), 

who demonstrated that the main horizontal bracing elements were the critical parts and 

the wind load was the leading factor in the structural design of the tower. A deficiency of 

using truss element in FEM is that the local buckling of the components cannot be 

captured especially for the large cylinders. Note that the local buckling design is 

important for the large cylinders, and it probably dominates the structural design of the 

cylinders.  

 

With regard to floating structures, a methodology of the dimensions calculation of a semi-

submersible platform called WindFloat and a 3D FEM based on ANSYS for the static 

strength assessment were provided by Hussein et al. (2013). The study obtained the new 

dimensions of the semi-submersible platform with a minimum geometry and showed that 



68 

 

the middle part of column supporting the tower had the highest stress in the three 

supporting columns. It should be pointed out here that, the dynamic response is important 

for offshore structures. The structural static analysis without considering the dynamic 

effect may underestimate the stress results. 

 

Lefebvre and Collu (2012) used the static numerical simulation to assess the structural 

strength of a tri-floater platform shown in Figure 2.7. They found that the strength 

fulfilled the requirements of structural design (the strength utilization of columns and 

bracings were 67% and 47%). The environmental loads considered in their study were 

relatively simple. For example, the effect of the direction of the environmental loads has 

not been considered, and the constant thrust force was adopted which cannot reflect the 

dynamic motion in the marine environment. 

 

 

Figure 2.7 Tri-floater platform provided by Lefebvre and Collu (2012) 

 

The structural strength of a tri-floater floating platform supporting vertical axis wind 

turbines was studied by Liu et al. (2018) using finite element method. They demonstrated 

that the wind load leads to high stresses in the structure when compared to the wave and 

current loads, and the direct compressive stress is more critical than the bending stress in 

supporting tubes.  
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Kim and Paik (2017) developed an optimization technique for hull structures to minimize 

structural weight, time cost for the design process and maximize structural safety. In the 

traditional hull structural design, the scantlings of hull need to be revised by designers to 

carry the yield and buckling strength evaluation. In this paper, an automated procedure 

was developed to carry out the ultimate strength analysis of hull and efficiently obtain the 

scantlings of hull. Moreover, the non-linear finite-element method was used to accurately 

calculate the internal force in order to reduce the overdesign and underestimate of 

structural elements. The result shows that the required time cost of the finite element 

analysis and the mass weight of the hull are reduced by 20% and by 3% respectively. 

Note that, it is important and also valuable to consider the manual labour of construction, 

transportation and installation in practical projects because these labour costs account for 

a large proportion in the project costs. 

 

Hu et al. (2016) performed the finite element analyses to assess the structural stresses of 

the Spar type FWT. FAST and SESAM code were used to conduct fully-coupled dynamic 

simulations and finite element analysis. It was found that the stress concentration 

occurred in the top and base of the tower. The wind turbine has a higher stress value in 

the rated operational condition than that in the extreme sea state condition, due to the 

large wind effect under the rated operational condition. 

 

Sectional forces and moments of a semi-submersible FWT modelled by using finite 

element method and a 1:30 scaled model test were studied by Luan et al. (2017) and Luan 

et al. (2018). The study demonstrated that the wind load contributed most to the stresses 

in structural components and identified the location of the most critical structural 

components. 

 

Apart from foundation, other components such as wind turbine tower, mooring design 

and wind turbine blades have also been studied in terms of the structural analysis and 

design. For example, the structural reliability of the wind turbine blade and tower of a 

bottom-fixed wind turbine under extreme loading conditions is investigated by Abdallah 

et al. (2016). The optimization and design of a wind turbine tower for a semi-submersible 

floating platform is provided by Young et al. (2017). The mooring system for FWTs was 

designed by Campanile et al. (2018) considering the wind turbine in parked condition and 

mooring line fault condition. A preliminary cost, the line number and line scope of 
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mooring system were investigated in this study. The mooring line tension and fatigue for 

a FWT were predicted by Cevasco et al. (2018). The reliability assessment of the blades 

of wind turbines in the ultimate limit state was carried out by Toft et al. (2011). Different 

distribution of defects in blades were considered in this assessment. 

 

The study of optimization design of offshore structures mainly focusses on mass 

reduction, although other factors should also be considered in the optimization, such as 

the labour cost, the construction method and transportation of the structures. Moreover, 

the structural analysis is simply based on the simplified assumptions. For example, the 

linear material properties and/or small displacement assumptions are normally used in the 

structural FE model to facilitate the numerical simulation. In addition, the static structural 

analysis is usually carried out in the optimization, which neglects the inertia force induced 

by the dynamic response. These simplifications may lead to inaccurate results obtained 

in the structural analysis and corresponding structural optimization. In Chapter 3, the 

geometrical and material nonlinearities, mooring system and the inertia force will be 

taken fully into account. 

 

2.2.2 Design codes of environmental loads for offshore structure 

At present, analysis, design and installation of OWTs usually rely on the existing 

guidelines developed by the offshore ships, oil and gas industry (API, 2014, DNVGL, 

2015, DIN, 2005). However, the current experience and design codes used for relatively 

large scale structures such as gas & oil platforms and ship hulls may not be applicable for 

small-diameter component of OWTs (such as spar-buoys and some semi-submersible 

platforms). Furthermore, these standards were developed by mainly considering the wave 

loads only, while for OWTs the wave and wind load coupling effect needs to be 

considered. Hence, some specific guidelines are also developed for design of wind turbine 

structures. 

 

The standards ABS (2020) BV (2019) and DNVGL-RP-C205 (2020) present the 

calculation methods of environmental loads applied to FWTs. In wind loading calculation, 

rotor thrust force and wind forces on exposed structural components are mainly 

considered in these codes. Wind loads and pressures are determined based on analytical 

methods or wind tunnel tests using a representative model of FWTs. Wave forces acting 
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on the FWT can be categorised into those acting on slender members and those on large 

members. For calculation of wave forces on slender members that do not significantly 

alter the incident wave field, semi-empirical formulations, such as Morison’s equation 

may be used. As for a large structure, potential flow theory based on wave diffraction-

radiation models is generally employed.  

 

In order to maximize or minimize a loading effect for the FWT, design load cases are 

defined. The standards ABS (2020), (IET, 2019) BV (2019) and DNVGL-RP-C205 (2020) 

give the design load cases with different load combinations and safety factors including 

normal case, accidental case, fatigue case, installation, maintenance and repair case, etc.  

 

2.3 Failure mechanism of components in offshore wind industry 

Section 2.2 mainly presents the optimization design and structural analysis of entire 

offshore devices. In this section, the structural performance of individual components, 

which are widely used in offshore wind industry, is discussed.  

 

2.3.1 Ultimate strength and buckling of offshore structures 

Shell structure is a popular structure adopted in offshore structures, for example, the wind 

turbine towers and foundations or platforms. In the complex marine environment, the 

shell structure would bear axial force, bending moment, torsion, shear, internal or external 

pressure. In order to enhance the stability and strength of a curved shell, stiffeners are 

adopted extensively in offshore structures. Ring stiffeners are proportioned to act against 

external pressure. Longitudinal stiffeners usually called stringers are used to provide 

additional strength and stiffness in the axial direction.  

 

Since the early twentieth century, theoretical analysis method was the main tool to 

investigate the structural behaviour of cylindrical shells. Windenburg and Trilling (1934), 

Von and Gunther (1952), Von and Windenburg (1933) provided the theoretical equations 

to calculate the buckling load of cylindrical shells. Since then, the boundary layer theory 

(Shen, 1998), the structural orthotropic theory (Andrianov et al., 2006), the energy 

method, Galerkin’s method, the perturbation method (Shen, 2004), the refined beam 

theory (She et al., 2017) and the Donnell shell theory etc. have been proposed and used 

in the study of buckling behaviours of the shell structures.  
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With the rapid development of computer technology, numerical modelling has been 

developed for analysing the buckling behaviours and ultimate strength of complicated 

shell structures. There are numerous studies on the buckling behaviours of cylindrical 

shells subjected to one loading condition. The loading of uniform axial compression is a 

common loading case. The first theoretical prediction of cylindrical shell buckling was 

carried out based on axial compression in the early 20th century (Southwell, 1914). 

However, the results of experiment and theoretical prediction vary dramatically in early 

tests and the former could be 30% lower than the latter (ECCS, 2013). Therefore, in order 

to have an accurate prediction of ultimate strength and buckling behaviours of cylindrical 

shells, many aspects have been studied by using numerical modelling and/or experiments.  

 

• Effect of imperfection  

Kumar Yadav and Gerasimidis (2019) used finite element modelling to study the effects 

of four geometric imperfection profiles including modal, dimple like, unbiased and biased 

shapes (Figure 2.8) under bending. They found that the influence of the dimple like 

imperfection was minimum (6% reduction in load carrying capacity compared with 

perfect cylinder) and the reduction in load capacity due to biased imperfection was 

maximum (18% reduction in load carrying capacity compared with perfect cylinder). Li 

and Kim (2022) studied the effect of initial geometric imperfection on the ultimate 

buckling strength of cylindrical shell under axial compression based on numerical 

modelling and design codes. It was found that the prediction of the ultimate strength was 

conservative, and the ultimate collapse and capacity were sensitive to the initial geometric 

imperfection. The experiments of cylindrical shells with different magnitudes of 

imperfections under uniform external pressure were tested by Fatemi et al. (2013). It was 

found that, when the depth of imperfection became larger, the buckling capacity reduced 

more sharply, and the imperfection had the smallest effect on the specimens with lowest 

height/radius and highest radius/thickness ratio. Imperfection sensitivity of an elastic 

cylinder under partial axial compression was carried out by Song et al. (2004). Their 

results, obtained based on the nonlinear finite element analysis, showed that the 

imperfection with weld depressions caused the lowest buckling load.  

 

http://www.youdao.com/w/many%20aspects/#keyfrom=E2Ctranslation
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(a) modal       (b) dimplelike       (c) unbiased       (d) biased 

 

(f) imperfection amplitude for unbiased profile 

 

(g) imperfection amplitude for biased profile 

Figure 2.8 Four imperfection profiles from Kumar Yadav and Gerasimidis (2019) 

 

• Effect of boundary conditions 

The effect of boundary conditions is important in the structural study of cylindrical shells. 

Because of experimental difficulties, there are relatively few studies focussing on the 

boundary conditions. Simply-supported and clamped conditions are the two classical 

boundary conditions in experimental studies. In the simply-support conditions the 
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displacement is radially restrained, while in clamped conditions all displacements and 

rotations are restrained. Therefore, the deflection of the unstiffened shells with clamped 

conditions is reduced by 80% when compared with those with simply-support conditions , 

and the deflection is reduced at least 45% when compared with the stiffened cylindrical 

shells (Temami et al., 2018). Due to the less restraint of a simply-supported boundary, the 

buckling capacity of the shells drops faster with increasing length (Fajuyitan et al., 2018, 

Fajuyitan et al., 2015). As for the other types of boundary conditions, Evkin et al. (2019) 

studied the local buckling of cylinders under axial compression with six different 

boundary conditions. The types of boundary conditions are shown according to Figure 

2.9 and Table 2.2. It was shown that the cylinder with type 4, the stiffest boundary 

condition, has the highest buckling load among these boundary conditions. While the 

cylinder with type 1 boundary condition has the lowest buckling load which is 11.7% 

lower than that of the cylinder with type 4.  

 

 

Figure 2.9 Loading conditions in the experiments (Evkin et al., 2019) 

 

Table 2.2 Types of boundary conditions (Evkin et al., 2019) 

Type 1 Type 2 Type 3 Type 4 Type 5 Type 6 

Nonuniform 

a1, a2 

a1=0, a2 Nonuniform 

a1, a2=0 

Uniform a1, 

a2=0 

Uniform a1, 

a2=0, release 

radial 

displacements 

fixed and 

uniformly 

distributed 

compressive 

load 
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• Effect of length to radius ratio & radius to thickness 

The length (L), radius (r) and thickness (t) are the basic geometric parameters to 

investigate the structural behaviour of cylindrical shells. According to a parameter 𝜔 =

𝐿/√𝑟𝑡 defined in EN1993-1-6 (2007), the cylinder can be categorised to short cylinders 

(𝜔 ≤ 17), medium cylinders (1.7 < 𝜔 ≤ 0.5(
𝑟

𝑡
)) and long cylinders (𝜔 > 0.5(

𝑟

𝑡
)). For a 

short cylinder under axial compression, the failure mode is dominated by local column 

buckling, and the buckling capacity reaches to a relatively high level. As for a medium 

one, the middle part cannot be restrained strongly and the maximum stress is slightly 

lower than the classical elastic critical buckling stress (with about 15% reduction) 

(Fajuyitan et al., 2018). Similarly, the buckling capacity of long cylinders experience a 

larger reduction. The thickness has a great effect on the stability of cylindrical shells, 

which significantly influences their ultimate strength. Some experimental and FE results 

have shown that with the change of r/t and L/r, the deviation of the buckling load was 

changed dramatically (Ifayefunmi, 2016, Zhu et al., 2018).  

 

A few studies have been carried out on the combined effect of axial loads and bending. 

Jin et al. (2021) studied the buckling behaviour of steel cylindrical shells under combined 

axial compression and bending. They found that the buckling behaviour of the shells was 

significantly affected by different imperfection profiles, radius to thickness ratio, 

slenderness ratio and eccentricity. In this study, the ratios of diameter-to-thickness are 

restricted to 40 and 97. The buckling behaviour of the thinner cylinders has not been 

studied. 

 

In summary, above-described studies mainly focussed on the buckling strength of 

unstiffened cylindrical shells subjected to one loading condition to examine the effects of 

different parameters, e.g. length-to-radius ratio, radius-to-thickness, imperfection profiles, 

boundary conditions. Thus, these parameters need to be considered when the ultimate 

strength and buckling behaviour of the cylindrical shell under the combined load effect 

are carried out.  

 

As for stiffened shell, Zhao et al. (2017) proposed a hierarchical grid-stiffened cylindrical 

shell under axial compression to avoid local buckling. Thang Do et al. (2018), Do et al. 

(2021) and Cerik (2015) studied the ultimate strength of locally damaged steel stiffened 
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cylinders. It is shown that the strength reduction of stringer-stiffened cylinders with local 

damage subjected to external pressure was extremely low when compared to that of the 

intact stringer-stiffened cylinders (Thang Do et al., 2018), while the strength of ring-

stiffened cylinders under external pressure was significantly reduced compared to that of 

the intact ring-stiffened cylinders (Do et al., 2021). The strength reduction of ring-

stiffened cylinders with local damage under axial compression was significantly reduced 

compared to that of the intact ring-stiffened cylinders, while that of the orthogonally 

stiffened cylinders was not dramatic (Cerik, 2015). Shi et al. (2018) investigated the effect 

of pitting on the stiffened panels under compression and derived a formula to predict the 

ultimate strength of the stiffened panels with pits.  

 

2.3.2 Fatigue study of offshore structures 

Most fatigue studies have focused on the fatigue analysis and fatigue life predictions for 

bottom-fixed wind turbines, such as jacket structures. Chatziioannou et al. (2019) and 

Chatziioannou et al. (2021) carried out the low-cycle fatigue study of the steel welded 

tubular X-joints and components used in offshore wind energy structural systems by using 

experiments and numerical modelling, which provided a further understanding on fatigue 

behaviours and theoretical support for fatigue life prediction of piping components.  

 

To reduce the fatigue load set for bottom-fixed wind turbine, a probabilistic load set (2048 

design load cases) with realistic environmental data and a systematic reduced load set 

(1560 design load cases) with unidirectional wind, wave, and current were carried out by 

Häfele et al. (2018). It was concluded that the systematic reduced load set can be adopted 

to evaluate the fatigue damage for jacket substructures, and then the numerical effort of 

the jacket design process can be reduced by reducing the design load cases.  

 

After static structural design according to an ultimate strength criterion, the redesign 

process of fatigue verification of a lattice-type foundation for offshore wind turbines 

based on frequency domain method was carried out by Long and Moe (2012). The impact 

on fatigue of thrust and wave loading were carried out separately and the fatigue cycles 

were counted using the Dirlik method. In order to meet the fatigue life requirement, the 

thickness of the tubes was increased so that the result showed that the mass of the jacket 

foundation increased more than 30% compared with the ultimate strength result.  
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The effect of damping (structural, aerodynamic, hydrodynamic and soil damping) on the 

fatigue life of monopile foundation for FWTs was studied by Rezaei et al. (2018). Using 

time-domain finite element modelling, the result demonstrated that an increase in overall 

damping reduces fatigue damage by up to 67% among all operational and non-operational 

conditions.  

 

Fatigue loads of a bottom-supported offshore wind turbine were studied by Marino et al. 

(2017). Miner's rule, S-N curves and rainflow cycle-counting were used for fatigue 

damage accumulation and damage estimations. The result showed that, firstly, the 

aerodynamic loads were dominant in fatigue damage when compared with the nonlinear 

wave in operational condition, and secondly, the linear wave approach underestimates 

fatigue loads by a maximum of 15% when compared to the nonlinear wave.  

 

In order to compare the fatigue assessment by using traditional methods, the 

thermographic measurement used to predict the fatigue limit was presented by Corigliano 

et al. (2017). The temperature of the S355 grade specimen was detected by an infrared 

camera during the fatigue test. The fatigue life predicted by the thermographic method 

was in good agreement with the experimental result of the steel specimens. 

 

Meanwhile, there are some investigations of fatigue on FWTs. The fatigue life of the 

connections of WindFloat was analysed by (Roddier et al., 2010b). Twelve sea states with 

the significant wave height ranging from 1.5 m to 12.5 m were adopted to obtain the stress 

of the connection. The results showed that critical fatigue damage occurred at the 

connections between bracings.  After calculation, the minimum fatigue life of the 

connections was 670 years, which was more conservative than the target design life of 20 

years. However, the stress value was assumed to be linear with the wave height. The stress 

of the connections between components is based on beam theory which may not capture 

the realistic stress of the tubular or shell elements.  

 

Kvittem and Moan (2015) performed the time domain analyses of the nominal stress for 

the fatigue assessment of a semi-submersible platform for FWTs. In this study, the fatigue 

loads due to aerodynamic loads and hydrodynamic loads were calculated using BEM and 

potential flow theory with Morison's formula, respectively. Using Miner's rule, S-N 
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curves and rainflow counting, the fatigue assessment showed that the dominant cause of 

fatigue damage in the tower and pontoon was pitch motion. Moreover, misaligned wind 

and wave led to less fatigue damage of the tower and pontoon than the aligned load 

conditions. 

 

Some other components of FWTs such as mechanical components inside the gearbox 

(Nejad et al., 2015), tower (Kvittem and Moan, 2015, Cheng et al., 2017, Li et al., 2018a, 

Li et al., 2018b), mooring lines (Li and Choung, 2016, Chen and Basu, 2018, Li et al., 

2018b) were also studied by researchers. It has been found that the fatigue damage in 

FWTs is more serious than that in land-based wind turbines owing to the more complex 

and unstable environment (Nejad et al., 2015). So far, the realistic structural behaviours 

of the floating platform for FWTs have not been fully understood, which need to consider 

nonlinear environmental loads, nonlinear structural response, fluid-structure interaction 

and etc. It has been found that the linear wave assumption (Marino et al., 2017) or linear 

structural model (Qu et al., 2020)would significantly underestimate fatigue loads of OWT. 

Moreover, the realistic environmental conditions for fatigue need to be fully considered. 

The inadequate and excess design load cases may underestimate and overestimate the 

fatigue damage. Therefore, suitable environmental data and design load cases need to be 

investigated to perform a more accurate fatigue analysis. 

 

2.3.3 Design codes of structural design for offshore structure 

For a short perfect cylindrical shell subjected to uniform axial compression, the classical 

elastic critical buckling stress σ can be expressed as: 

σ =
𝐸

√3(1−𝜈2)
∙

𝑡

𝑟
≈

0.6𝐸

𝑟/𝑡
   (2.1) 

or in terms of strain 

ε =
0.6

𝑟/𝑡
   (2.2) 

where E is the Young’s modulus, υ is the Poisson's ratio 0.3, r and t are the radius and 

thickness of the cylindrical shell. However, with the increase of r/t, the stress result of 

above equations trends to be inaccurate. The comparison of the critical buckling capacity 

between the theoretical prediction and test data based on different r/t is shown in Figure 

2.10. Considering the strength reduction due to large r/t ratio, an empirical equation 

(Jawad, 2004) for the elastic critical buckling stress σ based on Eq. (2.1) can be expressed 

as: 
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σ =
0.6𝐶𝐸

𝑟/𝑡
   (2.3) 

where C is a reduction factor for the elastic critical buckling stress induced by 

imperfection and slenderness of the cylindrical shell. It can be expressed as: 

𝐶 = 1 − 0.9 (1 − 𝑒(−1/16)√(𝑟/𝑡))  (2.4) 

It should be noted that the effect L/r ratio has not been considered in Eq. (2.3). Euler’s 

equation could be used to check the global column buckling. Hence, the equation can be 

modified as: 

σ =
𝜋2𝐸𝐼

(𝐾𝐿)2𝐴
   (2.5) 

where A is the cross sectional area, I is the moment of inertia, L is the length of cylinder 

and K is the factor accounting for the end conditions. 

 

Similar with the reduction factor of Eq. (2.5) for the critical buckling stress due to axial 

compression, the other reduction factors due to different load effects such as external 

pressure and torsion recommended by various design codes are shown in Figure 2.11. 

 

 

Figure 2.10 Comparison of Equation (2.1) and experimental results (Jawad, 2004) 
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Figure 2.11 Shell buckling reduction factor curves for axial compression, external pressure and 

torsion in different design codes (Winterstetter and Schmidt, 2002) 

 

The design load cases are used in structural analysis and design as the input loads. It 

should be noted that only the substructure of OWTs is covered by this section, and the 

superstructures such as rotor, nacelle, blade and tower are not covered. Generally, the 

choice of structural design codes depends on the material and structure types. Steel and 

concrete are popular materials for the substructure. Moreover, steel structure can be 

categorized into shell structures, tubular members, non-tubular beams, columns, and 

frames, plate structures, lattice structures, bolted and welded connections (DNVGL-ST-

0126, 2018). DNVGL, which is an international accredited registrar and classification 

society, provides many design standards and guidelines for OWTs. EN (the European 

Union), ISO (International Standard) and BV (Bureau Veritas) have also published 

relevant specifications.  
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The main design process and the applications of various design codes for OWT are shown 

as follows: 1) understand environmental conditions: assess the environmental conditions 

at the offshore site, including factors such as wave loads, wind loads, and current 

velocities; 2) determine loadings: calculate the various loadings acting on the structure, 

including environmental loads, gravity loads, and other loads. The design code provided 

in section 2.2.2 will provide guidance on how to calculate and combine these loads. 3) 

select structural configuration: determine the appropriate structural configuration for the 

offshore structure. 4) perform structural analysis: conduct structural analysis using 

appropriate methods and software to evaluate the structural response under different 

loadings. 5) design structural elements: design the individual structural elements of the 

offshore structure, including members, connections, and foundations. The relevant design 

code needs to be selected based on the various material and elements. The summary of 

the structural design standards for substructure of OWTs is presented in Table 2.3. Follow 

the design code guidelines for sizing and detailing these elements to ensure that they meet 

the required safety and performance criteria.  

 

Table 2.3 Summary of structural design standards for substructure of OWT 

Steel Plated structures DNV-RP-C201 (DNVGL, 2010), EN 1993-1-5 (EN, 

2006), EN 1993-1-7 (EN, 2007), NI 615 (BV, 2021)  

Shell structures DNVGL-RP-C202 (DNVGL-RP-C202, 2019), EN 

1993-1-6 (EN1993-1-6, 2017) 

Tubular structures EN 1993-1-1 (EN1993-1-1, 2005), ISO19902 (ISO, 

2020), NORSOK N-004 (N-004, 2004) 

Non-tubular beams, 

columns and frames 

DNV-RP-C201 (DNVGL, 2010), EN 1993-1-1 

(EN1993-1-1, 2005), EN 1993-1-5 (EN, 2006). 

Steel grades DNVGL-OS-B101 (DNVGL, 2019), EN 10025 

Connection (bolt and weld) ISO 898-1 (ISO, 2013), DNVGL-OS-C401 

(DNVGL, 2020), DNVGL-OS-B101 (DNVGL, 

2019), EN 1090-2 

Corrosion DNVGL-RP-0416 (DNVGL, 2016),  

Fatigue  DNVGL-RP-C203 (DNVGL-RP-C203, 2016), EN 

1993-1-9 (EN, 2005) 
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Concrete DNVGL-ST-C502, EN 1992-1-1 

 

• Design codes for cylindrical shell and tubular structure 

With a similar circular hollow section, the cylindrical shell is thinner (smaller ratio of 

diameter to thickness) than the tubular structure. Thus, the local buckling should be taken 

into full consideration in cylindrical shell structure design, which may dominate the entire 

design. Figure 2.12 shows the buckling reduction factor curves for axial compression 

based on shell structure design code EN1993-1-6 (2017) and tubular structure design code 

EN1993-1-1 (2005). The non-dimensional slenderness �̅�𝑥 is related to the thickness and 

length of the cylindrical shell. The thicker the thickness or the shorter the length, the 

smaller the �̅�𝑥. Figure 2.12 shows that, when the non-dimensional slenderness �̅�𝑥 is larger 

than 0.2, the reduction factor of tubular structure is larger than that of cylindrical shell. 

This means that the buckling resistance of cylindrical shell is more sensitive to the 

variation of slenderness �̅�𝑥. Therefore, the structural design for cylindrical shells and for 

tubular structures should use different guidelines based on their different structural 

behaviours.  

 

According to the circular hollow tubular section classification provided by EN1993-1-1 

(2005) in Figure 2.13, if d/t > 90ɛ2 = 59.4 (where yield strength fy = 355 MPa), the 

structure is defined as shell structure and therefore the shell structure design code 

EN1993-1-6 should be adopted. In this thesis, shell structure is adopted to study in 

Chapter 4 and 5. 
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Figure 2.12 Buckling reduction factor curves for axial compression based on EN1993-1-6 (2017) 

and EN1993-1-1 (2005) 

 

 

Figure 2.13 Circular hollow tubular section classification in (EN1993-1-1, 2005) 

 

2.4 Research gaps 

This literature review presents the effect of environmental forces on offshore structures, 

current research on the structural analysis, design and specifications of FWTs, as well as 

the structural behaviours of the components used in FWTs. 

 

The effect of environmental forces on the dynamic response of FWTs has been 

extensively studied, however the structural performance induced by those forces are less 
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well understood. The existing studies on the structural behaviours of offshore structures 

are mainly on the bottom-fixed wind turbine or floating platform for gas/oil industry. Due 

to the severe environmental forces and wave-wind interaction, floating platforms for the 

wind turbines have more complex structural behaviour compared to the bottom-fixed 

foundation and floating platform for gas/oil industry. The structural behaviours of the 

components and their connections used in the floating platforms have not 

been well studied. The relevant studies mainly use simplified environmental forces or 

structural models, for example, aerodynamic force is simplified as a constant point load; 

beam element is used to replace the structure of the platform; linear material properties 

and linear geometric analysis are adopted in the structural model. In this thesis, a more 

accurate input of environmental force (considering the effect of fluid structure interaction 

and the motion of the platform), and shell structure considering geometrical and material 

nonlinearity are adopted for the semi-submersible platform.  

 

In regard to structural analysis, the structural optimization was commonly regarded as an 

element dimensioning problem for minimizing the total structural weight. The purpose of 

minimizing the weight is to reduce the cost of the offshore project. Thus, the cost can be 

affected by human resources, transport, and future O&M cost, which are considered to 

improve the financial management.  

 

In terms of numerical simulation, although the traditional hydrodynamic and structural 

analysis software are available, the integrated modules of structural analysis for FWTs is 

still relatively rare. Normally, the hydrodynamic and structural analysis are conducted 

independently. The main issue is the load transfer from the hydrodynamic analysis to the 

structural analysis. Although there are some studies of hydro-structure coupling of CFD 

and FEA, the objects studied mainly focus on ship hulls or turbine blades. Moreover, it 

requires high computer configuration and expensive computational efforts. Therefore, an 

efficient load transfer mechanism from hydrodynamic model to structural model for 

FWTs is developed in this study. 

 

Cylindrical shell structures are widely used in the offshore industry. The existing research 

mainly focuses on their response to a single load such as the axial compression, external 

pressure or bending. The failure mode of the cylindrical shells under the action of 

combined loads is heavily dependent on the geometry of the shell and the combination of 
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the loadings. There is a lack of research on the ultimate buckling strength and buckling 

behaviours of large cylindrical shells with specific physical parameters such as 

imperfections and radius-to-thickness ratios when subjected to various combined loads. 

The structural design of FWTs is derived from the offshore ships, oil and gas industry. 

The design methods, calculation process and safety factors thus need to have more 

evaluations. 

 

Based on the above literature review, it is clear that further research is needed for the 

analysis and design of semi-submersible platform for FWTs under complex marine 

environments. The aim of this PhD project is to fill the above identified research gaps. 

The investigations carried out in this PhD project include: (1) A coupled fluid structure 

interaction simulation for global structural analysis of the semi-submersible platform is 

developed. This simulation method considers the structural nonlinearity, wave-wind 

interaction, fluid-structure interaction, mooring system and inertia force induced by 

dynamic motions of the platform. This simulation method could have a wider usage in 

the relevant research or industry such as the effect of irregular waves on the structural 

behaviours of the floating structure or other types of FWTs. (2) After the global structural 

analysis, the cylindrical shells, as the main structural component of the platform, is 

targeted to assess the code-based structural design. The different design standards for 

shell structures are compared. (3) In order to have a comprehensive understanding of the 

buckling behaviour of cylindrical shells, a wide geometric range covering short, medium 

and long cylinders with various radius to thickness (r/t) ratios are used to study the 

ultimate strength and buckling behaviours under combined load effects. (4) Based on the 

results obtained in (3), the accuracy of the relevant design codes for FWTs are evaluated. 

Finally, a reliability analysis of the relevant design codes is conducted and the 

recommended modification of partial safety factor 𝛾𝑀 is proposed to ensure the target 

reliability level for offshore structures are achieved.  

 

2.5 Methodology 

Different theories and methods are adopted to attain the research objectives:  

• Morison's equation is adopted to calculate the wave load when the wave length is 

five times larger than the cross-sectional dimension of the member. 
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• EN1993-1-6 (2007), EN1993-1-6 (2017) and DNVGL-RP-C202 are adopted in 

shell structure design. 

• Potential flow theory with additional damping is used to calculate the 

hydrodynamic response and wave pressure on the floating platform. 

• The Finite Element Method (FEM) is used to carry out the linear and nonlinear 

structural analyses of the entire floating structure as well as the individual 

structural components. 

• Linear elastic analysis is carried out to identify the critical load case, the critical 

stress positions and the effects of waves, winds and wave-wind misalignment on 

the structural behaviour. 

• Geometrically and materially nonlinear analysis is adopted to study the buckling 

behaviour and failure modes in comparison with the linear elastic analysis. 

• The first order reliability method is adopted to carry out the reliability analysis of 

the code-based approach. 

 

The methodology used in this study could be applied to offshore structures which have 

similar design considerations. For example, Morison's equation and potential flow theory 

can be adopted for other platform types to calculate the hydrodynamic loads. The coupled 

fluid structure interaction simulation can be adopted to accurately transfer the 

environmental load in the finite element modelling. Geometrically and materially 

nonlinear analysis can be used for similar structures to study the structural performance. 



87 

 

CHAPTER 3 – NONLINEAR STRUCTURAL ANALYSIS OF A FLOATING 

WIND PLATFORM 

Floating wind turbines (FWTs) operate in the complex marine environment and 

sometimes encounter extreme load conditions. The floating foundations that support the 

FWTs can be categorised into tension leg platforms (TLP), spar buoys, barges and semi-

submersible platforms (SSPs). Compared with the others, SSPs have the best performance 

on pitch and roll motions as they have a large water plane and heavy ballast to counter 

(Karimirad and Michailides, 2015), which is important to achieve stability of the entire 

system. Moreover, SSPs are more flexible to be transported and adaptable to large water 

depths (Zhao et al., 2020, Pérez-Collazo et al., 2015). However, due to their structural 

complexity and heavy self-weight, they still have a relatively high fabrication cost. This 

means that SSPs can be further improved with structural optimization to achieve cost-

reduction. The aim of this Chapter is to investigate the nonlinear structural behaviour of 

the floating platform for FWT considering both material and geometrical nonlinearities. 

The combined effects of wind and wave will be studied, which will provide a baseline for 

structural component design and analysis in Chapters 4 and 5. 

 

3.1 Research object 

The WindFloat (Roddier et al., 2010a) developed by Principle Power is used as the 

structural system of FWTs in this study, as shown in Figure 3.1. The three columns 

connected by the pontoons and bracings have the same dimensions. Referring to the 

existing literature (Aubault et al., 2018, Aubault et al., 2011), the following assumptions 

are made: each column consists of two cylindrical shells, called internal and external 

columns (Figure 3.1); the internal columns, pontoons and bracings are connected as a 

load-bearing frame (Figure 3.1 (b)); the external columns cover the internal columns and 

withstand wave loads. Table 3.1 provides the main dimensions of WindFloat according 

to Aubault et al. (2011). The National Renewable Energy Laboratory (NREL) offshore 5 

MW baseline wind turbine (Jonkman et al., 2009) is designed to be installed on one of 

the columns of the floating foundation and the main parameters of this wind turbine are 

shown in Table 3.2. 
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(a)                                    (b) 

 

(c) 

Figure 3.1 WindFloat concept: (a) floating wind turbine, (b) platform shown without the external 

columns, (c) section A 

 

Table 3.1 WindFloat main dimensions (unit: m) 

External column diameter 10 

Internal column diameter 6 

Length of heave plate edge 15 

Column separation, centre to centre 46 

Pontoon diameter 2.6 

Bracing diameter 2.2 

Tower diameter 4 – 6 

Tower length 88 

Rotor diameter 126 

 

Table 3.2 5 MW turbine characteristics (Roddier et al., 2010a) 

Rotor mass 135 mt 

Nacelle mass 294 mt 

Tower mass 425 mt 

Tower diameter 4-6 m 

Rotor diameter 126 m 

Heave Plate

Pontoon

Bracing

External

Column

Internal

Column

Tower
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3.2 Materials and Methods 

3.2.1 Environmental loads 

Environmental loads to be used for structural analysis and design should be based on the 

sea environment that the FWT will be located, and obtained by using relevant methods 

applicable for the target geometry of the structure (DNVGL-ST-0119, 2018). The 

following loads may need to consider over the service life of FWTs: wind load, 

hydrodynamic load induced by waves and current, earthquake loads, tidal effects, marine 

growth, snow and ice loads. In general, wind and wave loads dominate the structural 

design of a semi-submersible FWT, so they will be discussed in detail in this study. The 

sketch of the wave and wind on the FWT is shown in Figure 3.2. 

 

 

Figure 3.2 Wave and wind acting on the WindFloat 

 

The loads acting on the FWT are the wave, wind, mooring line, gravitational and 

buoyancy forces. Therefore, the response of the floating platform can be described by: 

𝑚�̈� = 𝐹ℎ𝑑 + 𝐹𝑤𝑖𝑛𝑑 + 𝐹𝑚 + 𝐹𝑔 + 𝐹𝑏 + 𝐹ℎ𝑠  (3.1) 

where m is the mass of the system, �̈� is the acceleration, Fhd is the hydrodynamic force 

including exciting force and radiation force, Fwind is the wind load, Fm is the mooring line 

load, Fg is the gravitational load, Fb is the buoyancy load, and Fhs is the hydrostatic load. 
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3.2.1.1 Wave load 

The simulation of wave effect is carried out by potential flow theory. As mentioned in 

Section 2.1.1, this theory assumes that the fluid is incompressible, inviscid and 

irrotational.  

 

The hydrodynamic force comprises the exciting force (including the Froude-Krylov force 

FI and diffraction force Fd) and radiation force Fr: 

𝐹ℎ𝑑 =  𝐹𝐼 + 𝐹𝑑 +  𝐹𝑟  (3.2) 

 

The wave potential due to incident, diffraction, and radiation waves can be written as: 

𝜑(�⃑�)𝑒−𝑖𝜔𝑡 = {(𝜑1 + 𝜑𝑒) + ∑ 𝜑𝑟𝑗𝑥𝑗
𝑗=1
6 }𝑒−𝑖𝜔𝑡  (3.3) 

where φ1 is the first order incident wave potential with unit wave amplitude, φe is the 

corresponding exciting wave potential, and φrj is the radiation wave potential due to the 

j-th motion with unit motion amplitude.  

 

The total first-order hydrodynamic force can then be written as:   

𝐹𝑗 = [(𝐹𝐼𝑗 + 𝐹𝑑𝑗) + ∑ 𝐹𝑟𝑗𝑘
6
𝑘=1 ]  (3.4) 

 

The semi-submersible platform does not affect the incident wave potential, but it does 

influence the platform’s radiational and diffraction potentials. As a result, the j-th 

component of the Froude-Krylov force due to the incident wave is: 

𝐹𝐼𝑗 = −𝑖𝜔𝜌 ∫ 𝜑𝐼(�⃑�)𝑛𝑗𝑑𝑆
𝑆𝑤𝑒𝑡

  (3.5) 

 

The j-th component of the diffraction force is: 

𝐹𝑑𝑗 = −𝑖𝜔𝜌 ∫ 𝜑𝑑(�⃑�)𝑛𝑗𝑑𝑆
𝑆𝑤𝑒𝑡

  (3.6) 

 

The j-th component of the radiation force induced by the k-th unit amplitude motion is: 

𝐹𝑟𝑗𝑘 = −𝑖𝜔𝜌 ∫ 𝜑𝑟𝑘(�⃑�)𝑛𝑗𝑑𝑆
𝑆𝑤𝑒𝑡

  (3.7) 

The radiation potential φrk is divided into real and imaginary parts that produce added 

mass and radiation damping. 

𝑎(𝜔) =
𝜌

𝜔
∫ 𝐼𝑚[𝜑𝑟𝑘(�⃑�)]𝑛𝑗𝑑𝑆

𝑆𝑤𝑒𝑡
  (3.8) 

𝑏(𝜔) =
𝜌

𝜔
∫ 𝑅𝑒[𝜑𝑟𝑘(�⃑�)] 𝑛𝑗𝑑𝑆

𝑆𝑤𝑒𝑡
  (3.9) 
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3.2.1.2 Wind load 

The wind load acting on the wind turbine and tower is considered. In a structural analysis, 

the wind force on a structural component is affected by the shape, wind pressure and the 

projected area of the structural member (DNVGL-RP-C205, 2020). The shape coefficient 

can be obtained from wind tunnel tests or design guidelines. Similar to the wave loads, 

the wind loads can also be evaluated by solving the Navier-Stokes equations using CFD 

method. 

 

A comparison of various methods to calculate the rotor thrust of a bottom-fixed wind 

turbine for wind speeds varying from the cut-in value of 3 m/s to the cut-out value of 25 

m/s was carried out by Dong et al. (2019) and is shown in Figure 3.3. The comparison 

shows good agreement with regard to the trend of the rotor thrust across the various wind 

speeds. With the increase in the wind speed, the rotor thrust increases sharply, peaking at 

the rated wind speed (11.4 m/s) and, after that, drops sharply. The data provided by NREL 

and BEM stands for Blade Element Momentum which offers lowest computing cost 

among the other models, since this method assumes the wind flow is steady and the blades 

is divided into several sections to calculate the 2D aerodynamic loads. Note that the wake 

aerodynamics and the realistic 3D geometry of the blades are not considered in the model, 

which may have a large impact on the aerodynamics of the blade tip (Plaza et al., 2015) 

and the impact on the thrust is relatively small in the case of a small motion of the platform 

(Tran and Kim, 2015). In comparison, the Reynolds-averaged Navier-Stokes (RANS) 

method is based on a CFD model, which deals with the fully coupled dynamics and 

theoretically provides a more realistic prediction. However, the RANS method is the most 

costly and time-consuming among these models because the whole flow field around the 

3D geometry of the wind turbine is simulated. Another approach called the vortex method 

is more accurate than BEM and less costly than CFD, which is used to investigate the 

unsteady flow with wake aerodynamics. The nonlinear vortex lattice method (NVLM) 

and the free wake vortex ring method (FWVR) are vortex methods, which consider the 

coupled rotor and wake aerodynamics. In NVLM, the wake flow is represented by vortex 

filaments. In comparison, the wake is simulated by vortex rings in FWVR to reduce the 

computing cost while retaining the basic physical properties of wake. Figure 3.3 shows a 

good agreement of the thrusts calculated by the different methods including FWVR, BEM, 
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RANS and NVLM. It should be noted that the thrust from NREL is slightly bigger than 

the other thrusts because the effects of the gravity (due to the rotor mass and shaft tilt) 

and inertial forces (due to the rotor inertia and acceleration/deceleration) of the rotor are 

considered. Specifically, according to Figure 3.4, the shaft tilt leads to the gravitational 

load Fg that is the component of gravity along the tilt angle. The acceleration/deceleration 

of the rotor leads to the inertial force Fi=ma (m is the mass of the rotor, and a is the 

acceleration of the rotor). Both of the gravitational inertial forces are accumulated in the 

rotor thrust. In contrast, all the other models only consider the pure aerodynamic thrusts. 

Thus, for the sake of accuracy and on the conservative side, NREL’s data are used in this 

study. 

 

In this study, wind speeds of 7 m/s and 11.4 m/s are adopted as the moderate and rated 

wind speed condition respectively, in order to produce two very different magnitudes of 

rotor thrust that can be used to efficiently gain an initial understanding of the structural 

behaviour of the complex system. As the focus of this study is to test the effects of 

material and geometric nonlinearities on the global structural behaviour of a floating 

platform, a rigorous wind load prediction by taking into account the fluctuation of wind 

speed or a more realistic wind condition is unnecessary and considered as over costly. 

Therefore, simplified calculations of thrust based on NREL’s data taking into account the 

unsteady thrust due to the motion of the FWT have been adopted. It should be noted that 

if the wind speed is larger than 11.4 m/s, the blades of the 5 MW wind turbine would 

rotate to reduce their projected area normal to the direction of the wind speed to reduce 

the rotor thrust, which is a protection scheme for the blades. Thus, the wind speed of 11.4 

m/s is adopted to calculate the maximum rotor thrust. 
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Figure 3.3 Thrust of a fixed NREL 5 MW wind turbine simulated with various methods (Dong et 

al., 2019) 

 

 

Figure 3.4 Gravitational and inertial forces on a rotor 

 

The platform motion also contribute to the rotor thrust in FWTs (Wen et al., 2017, Li et 

al., 2018b, Lee and Lee, 2019, Tran and Kim, 2015). Cheng et al. (2019a) found that 

oscillating regularity on aerodynamic loads of wind turbine has the similar oscillating 

period as the incoming wave. To simulate the unsteady aerodynamic force, the thrust of 
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the FWTs is calculated under a set of sinusoidal winds. The speed of the sinusoidal wind, 

V(t), is defined as: 

𝑉(𝑡) = 𝑉0 + 𝑉′sin(𝜔𝑡)  (3.10) 

where V0 is the mean wind speed, V’ is the wind speed due to platform motions of pitch 

and surge motion, and is being extracted straight from the numerical model, ω is the 

frequency of the platform.  

 

The thrust of the FWT under a sinusoidal wind is defined as: 

𝐹(𝑡) = 𝐹0 + 𝐹′sin(𝜔𝑡)  (3.11) 

where F0 is the mean rotor thrust of a FWT, which can be calculated by the rotor thrust 

of a fixed wind turbine (Figure 3.3), and F’ is the thrust due to platform motions. This 

approach is limited by steady wind flow and regular waves, hence wind loading under a 

more complex or realistic wind and wave condition has not been considered. 

 

3.2.2 Case studies of global model 

A series of simulations are performed at different azimuthal angles under aligned and 

misaligned wave-wind conditions. As the floating platform is a symmetrical structure, 

five directions of wave and wind are considered: 0°, 45°, 90°, 135° and 180° defined in 

Figure 3.5. In addition to the five aligned wind-wave directions, a misalignment effect is 

considered with a wave-wind misalignment angle of 22.5° (Michailides et al., 2016). 

Referring to previous hydrodynamic analyses of FWTs using AQWA (Ren et al., 2020, 

Ma et al., 2019b), two environmental conditions, moderate and rated conditions, are 

considered in this study. In the rated condition, the wave condition with 9 m heigh is more 

extreme than the wind condition with 11.4 m/s wind speed. This is because that, as 

discussed before, the rotor thrust is reduced if the wind speed is larger than 11.4 m/s. 

Therefore, to evaluate the structural behaviour of the FWT under a combination of 

extreme environmental loads, these environmental conditions are selected. 

 

Different wind speeds (Uw), regular wave heights (H), periods (T), directions of wave (α) 

and wind (β) are shown in Table 3.3. There are in total 40 load cases (LC) to investigate 

the individual effects of wave and wind, the critical connection positions, the most 

dangerous load cases of wind and wave, wave-wind misalignment effects and the 

different contribution of stress and deformation due to wave and wind.  
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Table 3.3 40 Load cases definition 

No. H (m) T (s) 
Uw 

(m/s) 
α β Comments 

Environmental 

conditions 

LC1-5 3 8 0 
0°, 45°, 90°, 

135°, 180° 
- Wave only - 

LC6-10 0 0 7 - 
0°, 45°, 90°, 

135°, 180° 
Wind only - 

LC11-15 9 10 0  
0°, 45°, 90°, 

135°, 180° 
- Wave only - 

LC16-20 0 0 11.4  - 
0°, 45°, 90°, 

135°, 180° 
Wind only - 

LC21-25 3 8 7 0°, 45°, 90°, 135°, 180° 

Wave and 

Wind 

Moderate 

LC26-30 9 10 11.4  0°, 45°, 90°, 135°, 180° 
Rated (aligned 

conditions) 

LC31, 32 9 10 11.4  0° -22.5°, 22.5° 

Rated 

(misaligned 

conditions) 

LC33, 34 9 10 11.4  45° 22.5°, 67.5° 

LC35, 36 9 10 11.4  90° 67.5°, 112.5° 

LC37, 38 9 10 11.4  135° 112.5°,157.5° 

LC39, 40 9 10 11.4  180° 157.5°, 202.5° 

 

 

Figure 3.5 Wave and wind directions 

 

The structural behaviours of the tubular components, tower base and the connections 

between components subjected to wave, wind and wave-wind alignment are examined in 

this study. The symbols/labels used to represent the sixteen connections and individual 

structural components are shown in Figure 3.6. The position label P1L stands for the left 
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end side connection of pontoon P1; the position label P4M stands for the middle 

connection of pontoon P4; EC1 stands for the external column 1; IC1 stands for the 

internal column in EC1, and TB stands for the tower base. In addition, ‘left’ and ‘right’ 

are defined for the target component in the planimetric position of Figure 3.6. If a 

connection is located on the left of a component, the connection is named as ‘L’. 

 

  

(a)                                     (b) 

Figure 3.6 Positions of connections: (a) components numbers, (b) connections numbers 

 

3.2.3 Numerical modelling using ANSYS 

The hydrodynamic analysis is carried out by using ANSYS AQWA based on frequency 

domain. After that, a load-mapping program called AQWA-WAVE is used to transfer the 

wave pressure data to a structural analysis model, which is then used to investigate the 

structure behaviour of the FWT platform under combined wind and wave loads. The 

hydrodynamic, rotor thrust and structural FEA model (including mass model) are 

presented as follows:  

 

3.2.3.1 Hydrodynamic model 

The hydrodynamic model of the WindFloat floating platform is shown in Figure 3.7. 

Different from the structural model which needs to consider the internally reinforced 

structures, only the external surface is adopted in the hydrodynamic model. Furthermore, 

the external wetted surface elements (green part) are used to calculate the hydrodynamic 

force.  
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Morison’s equation is commonly used to calculate the wave load on a slender member. 

According to this method, the cross section of the cylinder is neglected and the wave 

pressure on the elements cannot be obtained. Thus, potential flow theory is adopted in 

this study to generate the hydrodynamic data and detailed wave pressure on the shell 

element. The incident, diffracted and radiated wave forces acting on the structure are 

calculated by AQWA-LINE for selected wave periods and directions. In order to simulate 

viscous damping due to the heave plate, the equivalent linear damping values (Table 3.4) 

are input in the hydrodynamic calculation. A linear spring is used to replace the mooring 

system to offer a restoring force. Based on the constant stiffness KG and the fairlead 

displacement XF, the mooring force FG can be obtained by: 

𝐹𝐺 = −𝐾𝐺 × 𝑋𝐹  (3.12) 

 

This method is commonly used in the other studies due to its ease of modelling (Waris 

and Ishihara, 2012, Li et al., 2020a). In this study, the equivalent linear stiffnesses in surge, 

sway and yaw motion are provided in Table 3.5 to simulate the springs. In order to obtain 

an accurate hydrodynamic performance of the FWT, the dynamic characteristics of RAOs 

of this model are validated with the results provided by Aubault et al. (2011) in Section 

3.2.3.7. Thus, it is believed that the hydrodynamic model has well captured the motion of 

the platform, which lays the foundation for accurate calculation of wave pressure coupled 

with platform motion. 

 

 

Figure 3.7 Hydrodynamic model of the WindFloat floating platform 

 

Wetted surface 
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Table 3.4 Dynamic Characteristics of the WindFloat in Heave, Roll and Pitch  

 

Period of 

Resonance (s) 
Added Mass (kg) 

or Inertia (kg.m2) 

Hydrostatic 

Stiffness (N/m 

or N*m/rad) 

Critical Damping 

(kg/s) 

Heave 19.2 1.90E+07 2.53E+06 1.57E+07 

Roll 45.7 7.84E+09 2.97E+08 3.99E+09 

Pitch 45.2 7.88E+09 3.05E+08  3.99E+09 

 

Table 3.5 Dynamic Characteristics of the WindFloat in Surge, Sway and Yaw  

 

Period of 

Resonance (s) 

Added Mass (kg) 

or Inertia (kg.m2) 

Equivalent 

mooring stiffness 

(N/m or N*m/rad) 

Surge 108.7 4.17E+06 29,270 

Sway 136.6 4.17E+06 18,730 

Yaw 71.5 2.80E+09 4.677E+7 

 

3.2.3.2 Rotor thrust  

In this section, the input rotor thrust is presented. It should be noted that the static curve 

is used to represent dynamic thrust, hence the impact of the turbine controller and 

turbulence near the blades has not been considered in this study. In terms of LC21 (a 

regular wave H = 3 m, T = 8 s with wind speed Uw = 7 m/s) shown in Table 3.3, due to 

the platform motions induced by the wave, the velocity of the rotor is 𝑉sin(𝜔𝑡) =

0.32 sin (
𝜋

4
𝑡)  m/s obtained from AQWA. Therefore, the speed of wind is: 

𝑉(𝑡) = 7 + 0.32 sin (
𝜋

4
𝑡)  m/s   (3.13) 

which is shown in Figure 3.8. The minimum and maximum wind speed are 6.68 m/s and 

7.32 m/s, respectively. According to Figure 3.3, the minimum and maximum rotor thrust 

can be obtained, which are 374.6 kN and 478.3 kN, respectively. According to Eq. (3.11), 

the rotor thrust of LC21 thus is: 

𝐹(𝑡) = 427 + 52 sin (
𝜋

4
𝑡)  kN  (3.14) 

which is shown in Figure 3.10.  

 

Similarly, the rotor thrust of LC26 follows the same calculation procedure. The wind 

speed of LC26 is: 

𝑉(𝑡) = 11.4 + 1.5 sin (
𝜋

5
𝑡)  m/s  (3.15) 

which is shown in Figure 3.9. According to Figure 3.3, the rotor thrust for the wind speed 

of LC26 experiences decrease, increase, decrease, and then increase, which leads to a 

non-sinusoidal behaviour. Thus, the rotor thrust of LC26 is: 



99 

 

𝐹(𝑡) = 709 + 89 cos (
2𝜋

5
𝑡)  kN, 𝑡 ∈ (0s, 5s)  (3.16) 

𝐹(𝑡) = 737 + 60 cos (
2𝜋

5
𝑡)  kN, 𝑡 ∈ (5s, 10s)  (3.17) 

Figure 3.10 shows the rotor thrust of LC26.  

 

 

Figure 3.8 The speed of wind of LC21 

 

 

Figure 3.9 The speed of wind of LC26 
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Figure 3.10 The rotor thrust of LC21 and LC26 

 

3.2.3.3 Mass model 

The mass model is used to describe the mass distribution of the entire structure, which is 

necessary to investigate the hydrodynamic response and structural behaviour of an FWT. 

In order to simplify the model and increase the computational efficiency, a point mass is 

used to represent the rotor and nacelle mass since these two structural components are not 

the focus of this study. In reality, there is an active ballast system in the platform, which 

is used to transfer water from column to column to lower the platform to its target 

operational draft and keep the tower vertical to improve the turbine performance (Roddier 

et al., 2010a). However, to simplify the modelling, the water ballast is also modelled as a 

point mass located at the bottom of each column. 

 

3.2.3.4 Structural model 

Equivalent static structural analysis was used to investigate the structural performance as 

such an analysis is less demanding in terms of computational cost compared with a 

dynamic analysis (Kim et al., 2021, Kim and Kwak, 2022). Unlike the static structural 

analysis, the equivalent static structural analysis considers the effect of the inertia force. 

The equilibrium equation could be expressed as Kx = Fexternal = Fwave + Fwind - Mẍ, in 

which Kx represent the mooring line force, K is the equivalent stiffness matrix of the 

entire structure, Fwave is the wave pressure distribution, ẍ and x are the acceleration and 

displacement of the system and Fwind is the wind load. 
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Shell 181 element in ANSYS mechanical module, which is suitable for analysing thin-

walled shell structures with large deformations, is adopted to create the structural model 

(shown in Figure 3.11). This element can be used with three or four nodes, with six 

degrees of freedom at each node: translations in the x, y, and z directions, and rotations 

about the x, y, and z-axes. For regular cylindrical shells, a four-node element is more 

computationally cost-effective compared with a triangular mesh, thus it is used in this 

study. High strength structural steel, S355 (Moghaddam et al., 2020), is used for the 

platform, excluding the rigid heave plates, and its mechanical properties are given in 

Table 3.6. Considering material nonlinearity, the nonlinear stress-strain relationship 

shown in Figure 3.12 is adopted from Cheng and Becque (2016). The heave plate is 

attached on the bottom of each column to improve the stability of floating system by 

decreasing the pitch and heave motions. As the heave plates are not the focus of this study, 

they are assumed to be rigid bodies to reduce simulation time. The linear analysis (LA), 

geometrically nonlinear analysis (GNA), and geometrically and materially nonlinear 

analysis (GMNA) of the structural model are carried out respectively, the details of which 

are reported in Section 3.3.2. 

 

 

Figure 3.11 3D structural model of the platform implemented in ANSYS (with mesh) 

 

Table 3.6 Material parameters of the platform 

Item Value 

Material S355 

Yield strength (MPa) 355 

Density (kg/m3) 7850 
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Elastic modulus (MPa) 210,000 

Poisson's ratio 0.3 

Stiffness of mooring in x direction (N/m) 1.4159 e6 

Stiffness of mooring in y direction (N/m) 1.3415 e6 

Stiffness of mooring in z direction (N/m) 3.4935 e6 

 

 

Figure 3.12 Stress-strain curve of S355 

 

The size selection of mesh is an important issue in FEA. Reducing the mesh size is a 

classical strategy to achieve mesh convergence. Figure 3.13 shows the mesh convergence 

curves of the structural model. In this mesh convergence study, both moderate and rated 

environmental conditions introduced in Table 3.3 are adopted. 0°, 90° and 180° of 

environmental loads are adopted to consider the direction effect. Three connections P1R, 

P1L and P3L, which are located in the different columns, are used to consider the location 

effect. In Figure 3.13, the data of P1R 0° represents the maximum displacement of P1R 

under the 0° environmental loads. The maximum displacement is converged when the 

mesh size is smaller than 300 mm. The maximum errors between the mesh size of 100 

mm and 300 mm are 0.77% and 0.45% for moderate and rated environmental conditions, 

respectively. Thus, a mesh size of 300 mm is adopted in FE modelling in this chapter. 
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(a) Wave: H=9 m, T=10 s; wind: Uw=11.4 m/s (rated condition) 

 

(b) Wave: H=3 m, T=8 s; wind: Uw=7 m/s (moderate condition) 

Figure 3.13 Mesh convergence of structural model 

 

After determining the boundary condition, material properties and mesh size, the effect 

of inertia force is studied as follows based on a comparison of two models: one model 

considering inertia force (equivalent static structural analysis) and the other one 

neglecting inertia force (static structural analysis). Figure 3.14 and Figure 3.15 reflects 

the effect of inertia force on the maximum stress levels within the connections. In this 
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study, equivalent stress is adopted to evaluate the structural behaviour in stress level. 

Equivalent stress (also called von Mises stress) allows the three-dimensional stress state 

to be represented as a single positive stress value. In terms of the principal stresses σ1, σ2, 

σ3, the equivalent stress is expressed as: 𝜎𝑒 = √
(𝜎1−𝜎2)2+(𝜎2−𝜎3)2+(𝜎3−𝜎1)2

2
. It is found that, 

although the inertia force could increase the maximum equivalent stress in a connection 

by up to 32%, it will not affect the location of the worst loaded connection, and the 

increase of the maximum equivalent stress in the worst loaded connection is less than 

10%.  

 

 

Figure 3.14 Comparison of the maximum equivalent stresses of the connections with and without 

considering inertia force in LC21-25 
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Figure 3.15 Comparison of the maximum equivalent stresses of the connections with and without 

considering inertia force in LC26-30 

 

3.2.3.5 Boundary condition 

In the existing literature, the mooring system  were either modelled as a linear spring (Li 

et al., 2020a, Felix-Gonzalez and Mercier, 2016), or replaced by simply supported 

boundary conditions in the structural analysis to remove structural rigid movement (Qi et 

al., 2018, Liu et al., 2018). This section is to compare the two different boundary 

conditions, i.e., simple supports and springs, and select the more suitable one. GMNA of 

LC27 is adopted again in this section. Simply supported boundary conditions are applied 

to the bottom of each heave plate. The constraint conditions of the three heave plates are: 

constraint 1 (heave plate 1) Ux=Uy=Uz=0; constraint 2 (heave plate 2) Uy=Uz=0; 

constraint 3 (heave plate 3) Uz=0. The stiffness of linear springs is shown in Table 3.6, 

whose stiffness is equivalent to the restoring stiffness based on force-displacement 

behaviour of the mooring system in AQWA time-domain simulation.  

 

Table 3.7 Stiffness of spring for the mooring lines 

Item Value 

Stiffness of spring in x direction (N/m) 1.4159 e6 

Stiffness of spring in y direction (N/m) 1.3415 e6 

Stiffness of spring in z direction (N/m) 3.4935 e6 
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The maximum equivalent stress of connections using different supports is shown in 

Figure 3.16. The spring conditions provide larger stress values than the simple supports 

do, especially for P1R, P4R, P6R and TB. This is because self-weight plays a key role in 

structural behaviour, especially that of the wind turbine and tower (Ye et al., 2019). The 

large displacement caused by the spring boundary conditions induces a much larger 

second-order effect on the structure, thus causing an even higher stress than that with 

simply supported boundary conditions. Using simply supported boundary condition 

underestimates the internal stress of the platform. Therefore, the mooring lines 

represented by linear springs are adopted in this thesis. 

 

 

Figure 3.16 Comparison of the maximum equivalent stress of connections using different supports 

(LC27) 

 

3.2.3.6 Load mapping 

AQWA-WAVE is used to calculate the surface pressures at the facet centroids and the 

wave-induced translational and rotational accelerations, and transfer them from AQWA 

to the structural FEA model. The process of the load mapping is shown in Figure 3.17 

and can be described as follows: 1) Create hydrodynamic geometry, 2) Run AQWA-line 

to generate wave loads and acceleration, 3) Create structural geometry, and 4) Run 

AQWA-WAVE to extract the pressures and accelerations that are calculated from the 

hydrodynamic model and then to map them into the structural model. 
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The nodes and elements used in the hydrodynamic model and structural model do not 

need to be exactly matched as the forces can be interpolated in the structural model. 

Figure 3.18 shows the load mapping from a hydrodynamic mesh to a structural mesh. 

Finite element nodal pressures (M1) are computed from weighted averaging of 

hydrodynamic nodal values (N1 to N4). An example of load mapping under a regular 

wave (height H = 3 m, period T = 8s, and direction: 0°; wave phase: 0°) is shown in Figure 

3.19. As can be seen, the wave pressure of the structural model agrees well with that of 

the hydrodynamic model. An equivalent static analysis is carried out owing to its 

computational efficiency. A set of wave phases, 0°, 45°, 90°, 135°, 180°, 225°, 270° and 

315°, are selected to evaluate a complete cycle of a regular wave to obtain the maximum 

wave impact. All wave phases are considered in every load case in Table 3.3, and the 

overall maximum stress value of the structure under a full cycle of wave (with various 

wave phases) is presented in this Chapter. The rotor thrust F(t), which has been presented 

in 3.2.3.2, is applied on top of the tower. The ANSYS parametric design language (APDL) 

is adopted to input the hydrodynamic and aerodynamic forces in the structural analysis. 

 

 

Figure 3.17 Load mapping process 
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Figure 3.18 Load mapping from hydrodynamic mesh to structural mesh 

 

 

(a) 
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(b) 

Figure 3.19 Hydrodynamic pressure profile of (a) hydrodynamic model and (b) structural model 

under a regular wave of height H = 3 m, period T = 8 s, and direction: 0°; wave phase: 0°. 

 

3.2.3.7 Model validation 

The present model described above is validated against previous experimental and 

numerical studies of WindFloat platform (Aubault et al., 2011, Peiffer and Roddier, 2012). 

In this validation section, the aerodynamic loads have not been considered. In 

experimental modelling, a 1:78 scale model is tested in a 61 m long, 2.4 m wide and 1.5 

m deep towing tank. The full scale of the towing tank is 4755 m long, 190 m wide and 

119 m deep. An equivalent linear mooring system is adopted for the platform model to 

match the global stiffness of the numerical model in surge, sway and yaw. Regular waves 

were generated with a constant steepness 1/80 with the maximum wave height of 6 m. 

The full scale numerical model of WindFloat was built under frequency domain with 

numerical tools, WAMIT and AQWA (the presented model). Regular linear waves are 

generated with varying wave periods ranging from 5 to 20 s. 

 

Figure 3.20 compares the surge, heave and pitch RAOs of the present model against 

experimental data and published numerical results of the WindFloat (Aubault et al., 2011). 

According to the linear potential flow theory, the motions of the platform would be 

increased or decreased linearly under different incident wave amplitudes. Excellent 

agreement was found between the present results (based on AQWA) and the previous 

results obtained with WAMIT, owing to the same theory used. Good agreement was also 

found with the experimental data except for the heave motion at large wave periods, 

although some small discrepancies can be found such as the surge beyond 15 s, the pitch 

at 6 s and beyond 12 s. The possible reasons can be concluded as: i) the size of the towing 

tank used in the basin test is not large enough, which may have effect on wave propagation. 

The depth of the full scale wave tank is only 119 m. With water depth increasing from 

50m to 200m, the surge and pitch motions of floating platform would decrease, especially 

in the low-frequency region (period larger than 10 s) (Shi et al., 2023). This is because 

that second-order hydrodynamics have a larger impact on the dynamic responses of 

floating platform for shallow water depth, which leads to a larger wave excitation load. 

In the AQWA model, the water depth is 350 m (h>0.5λ, where h is water depth and λ is 
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water length (DNVGL-RP-C205, 2020)) to avoid the impacts of water depth. 

Furthermore, wave reflections from the side walls may also cause differences between 

numerical and physical results. Because wave reflections were not considered in the 

numerical model; ii) the nonlinear effects of hydrodynamics are considered in the 

experiment, e.g. higher order wave effect and nonlinear damping due to the heave plates, 

which were linearized or ignored in the numerical model. 

 

The significant difference of the heave motion between experimental and numerical 

results is found when wave period exceeds 15 s. The platform experiences a minimum 

heave motion at 18 s based on the WAMIT and AQWA models, which is called wave 

cancellation period (Bots, 2020). This is because, at this period, the wave excitation force 

of the top of the heave plate is equal to that of the bottom surface. Hence, the potential 

flow theory would underestimate the heave motion at long period if the floater has a heave 

plate. However, the above numerical method can still be adopted at periods smaller than 

15 s. Accordingly, the wave periods of 8 s and 10 s are used in this study. On this basis, 

the AQWA model is adequate for the calculation of the hydrodynamic forces.  

 

Although the maximum wave height of 6 m with 1/80 steepness was adopted in the 

validation of the experimental and numerical studies, the numerical model using potential 

flow theory is still valid for various wave height with a similar steepness in existing 

studies. For example, a set of regular waves including a wave height of 2 m with 1/78 

steepness was used by (Ma et al., 2019b) to study the dynamic response of a tension leg 

platform based on the potential flow theory; a regular wave with 7.57 m wave height and 

1/82.42 steepness was adopted by Ghafari et al. (2021) to validate the experimental and 

numerical model (based on AQWA) of a semi-submersible floating platform, and there 

was a good agreement between the experimental and numerical results.  
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(c) 

Figure 3.20 RAO in (a) surge, (b) heave and (c) pitch at wave direction 0° without wind 

 

3.3 Results 

The results of the numerical modelling from both the linear and nonlinear analyses are 

presented in this section. A total of 40 loading cases introduced in Table 3.3 are used to 

carry out linear analysis, from which the worst case is selected to develop the nonlinear 

analysis models to study the nonlinear structural response of the platform. 

 

3.3.1 Equivalent static structural analysis 

Nine different wave phases (0°, 45°, 90°, 135°, 180°, 225°, 270° and 315°) are considered 

to simulate the whole movement of wave to obtain the maximum wave impact. The stress 

result due to the wave impact comes from the comparison of all phases and the largest 

one is adopted. Different azimuthal angles under wave and wind conditions are 

considered as well. The maximum stress is found to always occur at the connections; and 

for this reason, their structural behaviour is highlighted. 
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3.3.1.1 Individual impact of wave and wind 

Figure 3.21 demonstrates the maximum equivalent stresses of all 16 connections induced 

by the different wave or wind conditions using the largest stress among all angles (0°, 

45°, 90°, 135° and 180°) that mentioned in Table 3.3. After comparing all connections, 

the maximum equivalent stresses of connections P1R, P3R, P1L, P3L, P2L, P2R, P4R 

and P6R are identified to be particularly critical due to the individual impact of wave and 

wind. These maximum stresses are all located on the column supporting the wind turbine 

and the upper pontoons. As for the structural behaviour of the tower base, Figure 3.21 

shows greater susceptibility to wind-induced thrust loads compared to wave loads, with 

around 66.1% increase, which is in agreement with what was reported by Xu et al. (2019). 

Different from the direct impact of wind, the stress in TB induced by waves is mainly 

because of the dynamic motion induced by waves and the inertia force of the wind turbine.  
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(b) LC11-20 

Figure 3.21 Individual effect of wave and wind on the maximum equivalent stress of connections 

 

Figure 3.22 shows the individual effects of wave and wind directions on the equivalent 

stress of these eight critical connections (P1R, P3R, P1L, P3L, P2L, P2R, P4R and P6R). 

The dot data are the maximum stresses of the connections under the wind or wave with a 

specific direction. The dots of every connection are connected by using straight lines to 

demonstrate its variation. It is found that the impact of wave direction on the stress of 

these eight connections is relatively small compared to that of the wind direction. 

According to Figure 3.22 (a) and (c), among the eight connections P4R is mostly affected 

by the wave directions. For the equivalent stress of P4R under the small wave (H=3m), 

the minimum one is 169 MPa when the wave comes from 90° and the maximum one is 

205 MPa when the wave comes from 135°. Thus, change of wave directions would make 

a maximum difference of 21.3% under a small wave (H=3m), compared with a 34.1% 

difference under a large wave (H=9m). Similar difference of stress change is found for 

P6R with 20.3% and 32.7% under the small wave and the large wave respectively. 

However, apart from P4R and P6R, the stress change of the other connections is lower 

than 12%. This is because both connections, P4R and P6R, are under the water level, 

which are directly impacted by the wave. The other connections are above the water level 

thus the impact of the wave directions is less obvious.  

 

In contrast, the wind direction has more significant effect on the maximum equivalent 

stress of connections compared with the wave directions, especially for P1R and P3R. 
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The stronger the wind condition, the greater difference of the stress of connections. 

According to Figure 3.22 (b) and (d), the greatest difference in the stress is found to be in 

P1R, where a difference of 25.8% and 60.6% is seen under the small wind (Uw=7m) and 

the large wind (Uw=11.4m), respectively. P3R, as a symmetrical position of P1R, has a 

similar structural behaviour: the greatest difference in the stress under the small wind and 

the large wind is 23.7% and 50.2%, respectively. Moreover, P2L and P2R, which are 

furthest away from the tower base, have the minimum stress difference under different 

wind directions. This is because that the wind load is transferred from the tower to the 

tower base, then to the platform. Due to the load distribution during the load transfer, the 

impact of the wind direction is reduced.  

 

The maximum stresses of the eight connections under various directions of wave and 

wind are summarized in Table 3.8. It is found that there is no single wind direction which 

is adverse to all connections. Different from the wind direction, the most adverse 

directions of the wave directions on the maximum stress of all eight connections are 45° 

and 135°. The reason that the most critical wave directions are the lateral direction (45° 

and 135°) rather than the direction along the axis of symmetry (0° or 180°) could be that, 

when the wave comes from 0° or 180°, the wave load is transferred between columns by 

the pontoons performing as the axial forces and the axial forces are relatively even. 

However, when the wave comes from 45° and 135°, the axial forces are relatively uneven 

in the pontoons, which causes additional torsion and a larger normal stress. Thus, the 

equivalent stress of the connections increase. 

 

In summary, the wind direction appears to have a larger effect on the stress of the critical 

connections compared with the wave direction. As regards the stress level, the 

connections under the water level are more affected by wave directions, and the 

connections closing the tower base are more affected by wind directions. 45° and 135° 

are the most adverse wave directions on the maximum stress among the eight connections. 

However, there is no adverse direction of wind for all connections. 
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(a) LC1-5 (wave only, H=3m, T=8s) 

 

(b) LC6-10 (wind only, Uw=7m/s) 
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(c) LC11-15 (wave only, H=9m, T=10s) 

 

(d) LC16-20 (wind only, Uw=11.4m/s) 

Figure 3.22 Individual effects of wave and wind on the maximum equivalent stress of connections 

 

Table 3.8 Summary of maximum stress of the eight connections under various directions of wave 

and wind 

Connections 
LC1-5 (wave only, 

H=3m, T=8s) 

LC6-10 (wind 

only, Uw=7m/s) 

LC11-15 (wave 

only, H=9m, 

T=10s) 

LC16-20 (wind 

only, Uw=11.4m/s) 
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Max. 

stress 

(MPa) 

Wave 

direction 

(°) 

Max. 

stress 

(MPa) 

Wind 

direction 

(°) 

Max. 

stress 

(MPa) 

Wave 

direction 

(°) 

Max. 

stress 

(MPa) 

Wind 

direction 

(°) 

P1R 267 135 256 0 269 90 272 0 

P3R 259 45 269 90 278 45 309 90 

P1L 241 135 242 135 256 135 269 135 

P3L 242 45 234 180 259 45 249 180 

P2L 249 135 248 0 252 45 257 0 

P2R 218 135 223 45 222 135 235 45 

P4R 205 135 167 0 228 135 183 135 

P6R 210 45 200 90 237 45 231 90 

 

3.3.1.2 Wave-wind alignment 

Figure 3.23 and Figure 3.24 show the maximum stresses in connections when considering 

the combined effects of wave and wind. Note that no safety factors are considered, either 

for materials or load combinations. In general, the critical stresses occur at connections 

P3R, P1R, P1L, P6R, P3L, P2L and P2R, which are also the critical connections when 

the platform is under the action of the wave or wind alone. These connections are mainly 

located on the column supporting the wind turbine and between the upper pontoons and 

columns. Comparing the maximum stresses of all 16 connections, P3R has the largest 

stress under the 45° environmental forces regardless of whether moderate condition or 

rated conditions are considered. The stresses of the connections between bracings and 

pontoons (P4M, P5M and P6M) are relatively small especially for P5M. According to 

Figure 3.23 and Figure 3.24, the lateral impact of wave and wind (45°, 90° and 135°) 

should be paid more attention because 75% of connections reach the maximum stress 

when the wind and wave loads come from 45°, 90° or 135°. This is because that the 

platform is symmetrical along the primary axis (0° and 180°), where load is more evenly 

distributed and normal stress is dominate. The lateral wave and wind force create uneven 

load distribution, i.e. additional torsion to compression, thus the connections suffer large 

shear stress in addition to the normal stress, and are more likely to cause stress 

concentration. The connections under the two environmental conditions have similar 

trends in stress level, although the difference is larger under the rated condition.  

 

Although the tower base carries considerably high self-weight of the wind turbine and 

tower and the bending moment due to the wind thrust force, the maximum stress in the 

tower base is still lower than those in the connections (see Figure 3.23 and Figure 3.24).  
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Figure 3.23 The maximum equivalent stress of connections in moderate conditions (LC21-25) 

 

 

Figure 3.24 The maximum equivalent stress of connections in rated conditions (LC26-30) 

 

3.3.1.3 Wave-wind misalignment 

To investigate the effect of wave-wind misalignment, the angle between wave and wind 

is set to 22.5° (Michailides et al., 2016), which is a typical value used to investigate the 

structural response of platforms in misaligned conditions. Taking P3R as an example, 

Figure 3.25 shows that the comparison of the maximum equivalent stresses between 

misaligned and aligned wave and wind loads. The misalignment angle can be divided into 
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clockwise and anticlockwise directions, which has an adverse effect on the results: one 

reduces the maximum equivalent stresses and the other increases the results. There is 

always one misaligned wave-wind case which has larger maximum equivalent stress than 

the aligned wave-wind case; and the aligned wave-wind case always has the middle class 

of the connection stress between the two misaligned wave-wind cases. This means that 

the aligned wave-wind case is not the most critical loading case in terms of the stress level. 

The misaligned wave and wind loads may cause additional torsion and shear force leading 

to a larger equivalent stress compared with the aligned load case. 

 

Table 3.9 shows the comparison of maximum stresses between the misaligned and 

aligned wave-wind cases in rated condition. The maximum stresses in all connections of 

both aligned and misaligned wave and wind conditions usually come from the same wave 

direction, except for P2R. It can be seen that the wave-wind misalignment would increase 

the maximum stress of the connection by up to 8.5%. Therefore, the effect of 

misalignment of environmental condition needs to be considered in the practical 

structural design to avoid underestimating of design stress.  

 

 

Figure 3.25 The maximum equivalent stress of P3R in rated conditions subjected to misaligned 

wave and wind 

 

Table 3.9 Comparison of the maximum stress between misaligned and aligned wave-wind 
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Max. 

stress σ1 

(MPa) 

Load case 

 
Max. 

stress 

σ2 

(MPa) 

Load case 

 

 ((σ1-

σ2)/σ2) 

(%) Wave 

α1 (°) 

Wind 

β1 (°) 

Wave α2 

(°) 

Wind β2 

(°) 

P1R 321 0 -22.5 296 0 0 Yes Yes 8.48 

P3R 355 45 67.5 351 45 45 Yes Yes 1.45 

P1L 312 135 112.5 310 135 135 Yes Yes 0.36 

P3L 284 180 202.5 268 180 180 Yes Yes 5.94 

P2L 272 0 22.5 265 0 0 Yes Yes 2.69 

P2R 243 90 67.5 243 45 45 Yes No 0.16 

P4R 241 135 112.5 235 135 135 Yes Yes 2.26 

P6R 307 45 67.5 298 45 45 Yes Yes 2.93 

P4L 198 135 157.5 196 135 135 Yes Yes 1.16 

P6L 202 45 67.5 200 45 45 Yes Yes 0.71 

P5L 200 90 67.5 196 90 90 Yes Yes 1.87 

P5R 214 90 67.5 211 90 90 Yes Yes 1.31 

P4M 151 135 112.5 148 135 135 Yes Yes 1.55 

P5M 100 90 67.5 99 90 90 Yes Yes 0.63 

P6M 119 180 202.5 115 180 180 Yes Yes 3.46 

TB 192 45 67.5 191 45 45 Yes Yes 0.45 

 

3.3.2 Geometrically and materially nonlinear analysis (GMNA) 

According to the literature review, linear analysis has been widely used in the structural 

analysis of offshore structures, primarily attributed to its computing effectiveness. 

However, linear elastic analysis will not be able to accurately predict the post-yielding 

nonlinear behaviour, thus leads to conservative design solutions which have a negative 

impact on the levelised cost of energy (LCOE). In this section, three types of finite 

element models are used to study the effects of structural nonlinearities including material 

nonlinearity and geometric nonlinearity: linear analysis (LA), geometrically nonlinear 

analysis (GNA), geometrically and materially nonlinear analysis (GMNA). The linear 

and nonlinear material properties are given in Figure 3.12. The linear geometric analysis 

is based on the small displacement assumption of shells, i.e. linear bending and stretching 

shell theory with a constant stiffness matrix, which leads to a linear relation between the 

strain and displacement. The nonlinear geometric analysis is based on the nonlinear shell 

theory which is able to consider the change of stiffness matrix due to large displacement 

and leads to the nonlinear relation between displacement and strain (Rao et al., 2015). 

According to the linear global model presented in Section 3.3.1, although the misaligned 

cases are the most critical, they are still not common cases compared with the aligned 

cases. Moreover, this chapter mainly studies the structural behaviour of the platform 
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rather than the ultimate strength of the structure. Thus, LC27 (wave45°+wind45°), as the 

most critical case in the aligned cases, is then used in the study. Thickness reduction is 

adopted as an economy indicator of the structural design in this study, as smaller thickness 

usually leads to lower mass and less labour cost, particularly for the welding cost. Note 

that, in order to keep the same hydrodynamic response, no other dimensions were changed 

apart from the thickness. 

 

3.3.2.1 Structural behaviour of the connections 

The minimum thickness of the components to resist the environmental forces under LC27 

(as presented in Section 3.3.1) is obtained using three simulations (LA, GNA and GMNA), 

and the corresponding results are shown in Table 3.10. The minimum required 

thicknesses obtained using GMNA and GNA are 60% and 85% of that obtained using 

LA, respectively. As can be seen from Figure 3.26, the stress distribution of the GMNA 

is more uniform compared with that of the LA, especially in the connection P3R where 

the largest equivalent stress occurs. This is because that the GMNA allows stress 

redistribution when the maximum stress approaches the yield strength. In other words, 

the strength of the material is best utilized in a GMNA. It is concluded that LA would 

lead to overdesigning, unnecessary use of materials and increased labour cost. Therefore, 

the nonlinearity should be taken into consideration in offshore floating platform design. 

 

Table 3.10 Thickness of the main components of the floating platform (mm) 

 External 

column 

Internal 

column 

Pontoon  Bracing 

GMNA 36.0 30.0 22.0 22.0 

GNA 51.0 42.5 31.1 31.1 

LA  60.0 50.0 36.6 36.6 
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(a) Geometrically and materially nonlinear model 

 

(b) Geometrically nonlinear model 

 

P3R 

P3R 

P3R 
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(c) Linearly elastic model 

Figure 3.26 Stress contour of the platform in LC27, wave 45°+wind 45° (shown without external 

columns and heave plates) (Unit: Pa) 

 

Different environmental forces could cause different failure modes. All critical 

connections under the rated conditions (LC26-30) have been summarized in Table 3.11. 

It is noted that the structural performance between LC27 and LC28 is quite similar so the 

results of LC28 are not presented further. It is found that the most likely failure position 

is always located in the connection region, especially in the connections between internal 

columns and pontoons. To highlight the presentation, all other components such as the 

tower and the external column are not shown in Figure 3.27. The stress concentration 

areas are mainly located in the top or bottom edge of the connections, despite the change 

of the direction of the environmental forces. Punching shear failure in the radial direction 

and tearing failure in the circumferential direction are likely to occur. Hence, in the actual 

design and fabrication, these stress concentration areas should be paid more attention and 

stiffeners are needed to strengthen these areas.  

 

In Section 3.3.1.2, it was concluded that the direction of 45°, 90° or 135° of the 

environmental loads are more adverse to the structures in terms of maximum stress level 

when compared with the direction of 0° or 180° in LA. A similar outcome can also be 

found in GMNA, which can be demonstrated graphically in Figure 3.27 (a) and (b). When 

the direction of the environmental loads is 0° (LC26), the stress contour of P1R and P3R 

is relatively symmetrical and evenly distributed – the reason being that the environmental 

loads are averagely transferred to P1 and P3. However, when the direction of the 

environmental loads is 45° (LC27), the large stress mainly concentrates on P3R. 

Combining with Figure 3.5, it can be concluded that the 45° wind force induces a large 

shear force between P3R, and hence, the large stress in P3R occurs. Moreover, the largest 

stress under LC27 is 354.8 MPa, which is higher than that under LC26 (321.0 MPa). 

Therefore, it can be concluded that the direction of 45° of the environmental loads is more 

adverse to the structures as regards stress level than the direction of 0° in GMNA.  

 

Table 3.11 The critical connections in LC26-30 

GMNA LA 
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Load 

case No. 

Maximum 

equivalent stress 

(MPa) 

Occurred 

position 

Maximum 

equivalent 

stress (MPa) 

Occurred 

position 

LC26 321.0 P1R 296.2 P1R 

LC27 354.8 P3R 350.9 P3R 

LC28 336.6 P3R 341.1 P3R 

LC29 346.9 P1L 310.4 P1L 

LC30 247.7 P1L 267.9 P3L 

 

  

(a) Stress contour of P1R in LC26 

  

(b) Stress contour of P3R in LC27 



126 

 

  

(c) Stress contour of P1L in LC29 

  

(d) Stress contour of P1L in LC30 

Figure 3.27 Stress contour of connections (Unit: Pa) 

 

3.3.2.2 Structural behaviour of cylindrical components 

This section focuses on the structural behaviour of the cylinders in the platform. Figure 

3.28 and Figure 3.29 show the stress, global displacement and local deformation of all 

types of components in different loading process starting from calm sea condition in 

which FWT bears self-weight and hydrostatic force only. The global displacement is 

induced by the environmental forces and spring supports relative to the original location. 

100% loading process means the environmental loads are fully applied on the platform. 

In GMNA (Figure 3.28 (b), Figure 3.29(b) and Figure 3.29(d)), when the structure is 

loaded less than 60% of the ultimate load, the total displacement and maximum equivalent 

stress increase almost linearly. After that, the displacement increases sharply and reaches 

to a peak of 1.55m. In addition, the results of linear analysis (LA) increase linearly 
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through the whole loading process. The maximum displacement of LA is 0.8m which is 

around half of the result of GMNA. It can be seen that the displacement of components 

is underestimated by LA. A large displacement may cause a large deformation, especially 

for slender structures. It has been known that shell structure is sensitive to large 

deformation. To be specific, under the vertical load (gravitational load) and lateral 

displacement, the slender structure will experience additional bending moment generated 

by the combined action of the vertical load and lateral displacement, which is called 

second-order effect due to geometric nonlinearity on the structure. Thus, the stresses of 

the components under GMNA increase faster than under LA.  

 

According to Figure 3.28 (a) and (b), the structural nonlinearity has the largest effect on 

the external column in terms of the stress level, which has the largest ratio of diameter to 

thickness among the components. The final stress of the external column increases by 74% 

to 336 MPa from LA to GMNA. According to Figure 3.28 (b), the stresses of the 

components except for the lower pontoon get closer with the increase of loading, which 

means that these components have a large interaction especially when the load approaches 

the maximum. This is because that, according to Section 3.3.2.1, the connection is the 

most critical part and the structural nonlinearity allows the components to share the 

external forces and redistribute the stress within the connection part. In other words, there 

is a strain-hardening stage near the yield strength because of the effect of material 

nonlinearity. In this stage, plastic deformation is produced by the increased stress. 

However, this phenomenon cannot be obtained in the LA in Figure 3.28 (a). In sum, under 

GMNA in this study, geometric nonlinearity and material nonlinearity play important 

roles in pre 80% and last 20% of loading process, respectively. Hence, structural 

nonlinearity should be considered in the structural analysis of such large-volume steel 

structures.  

 

According to Figure 3.29(c), Figure 3.29(d) and Figure 3.30, although these two models 

based on LA and GMNA bear the same environmental forces, the model with GMNA has 

a larger deformation. The main reason is that the thickness of the model with GMNA is 

thinner than the model with LA. The thinner thickness has a weaker stiffness, and it is 

more deformable. The deformation is likely to be the initial imperfection of the structure 

to trigger buckling damage, which should be paid attention in future work and the actual 

project. 
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(a) The maximum equivalent stress of components in LA 

 

 

(b) The maximum equivalent stress of components in GMNA 

Figure 3.28 Stress performance of components (LC27) 
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(a) The global displacement of components in LA 

 

(b) The global displacement of components in GMNA 

 

(c) The local deformation of components in LA 
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(d) The local deformation of components in GMNA 

Figure 3.29 Displacement and deformation performance of components (LC27) 

 

       

(a) Undeformed structure                     (b) Deformed structure in LA (LC27) 

 

(c) Deformed structure in GMNA (LC27) 

Figure 3.30 Deformation comparison of the floating platform (scaled by 20 times) 

 

3.3.2.3 Structural behaviour of the external and internal columns 

As a main component of this platform, the column consists of an external column and an 

internal column, as shown in Figure 3.6. The structural design philosophy is to let the 

internal columns (ICs), which are connected with pontoons and bracings, primarily bear 
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the wind force from tower, while the external columns (ECs) covering the internal 

columns bear wave force only. However, although the external columns are not connected 

with the tower and internal columns directly, it is expected that a certain amount of wind 

or wave force would be shared by both the external and internal columns due to composite 

action transferred from pontoons and bracings to themselves. Therefore, the stress 

profiles on both the external and internal columns under wave or wind effects are 

investigated in this section. 

 

GMNA is used to study the load distribution between external and internal columns under 

wave only condition (LC12) and wave-wind alignment (LC27) condition. Figure 3.31 and 

Figure 3.32 show the stress development of IC and EC in different loading processes 

starting from calm sea condition. In general, the stresses of IC are larger than that of EC 

in the same position especially for IC1 and EC1. Although the EC is assumed to mainly 

bear wave force, the stresses in ICs increase even more rapidly under wave loading 

(LC12). For example, the maximum equivalent stresses of IC1 and IC2 are 77% and 30% 

larger than those of EC1 and EC2, respectively. 

 

In LC27, after the IC1 approaches yielding, the EC1 starts to bear more load. The stress 

difference between IC1 and EC1 reduces from 30% (loading process in 60%) to 2.3% 

(loading process in 100%) at the ultimate stage. This stress behaviour demonstrates the 

interaction and load transfer between IC1 and EC1. As mentioned before, IC1 is 

connected with EC1 by pontoons and bracings. Under the relatively large impact of 

environmental forces, EC1 is affected by IC1 to take more responsibility for sharing 

environmental loads. IC2, IC3, EC2 and EC3 have low maximum equivalent stress levels 

compared to IC1 and EC1. The maximum stresses of IC2 and IC3 are 49% and 35% 

higher than that of EC2 and EC3, respectively, when the loading process is 100%.  

 

Figure 3.33 compares the final stress of ICs and ECs separately. It is found that the 

stresses in ICs and ECs under LC27 are generally higher than those under LC12, meaning 

that a certain amount of wind force will also be transferred to ICs and ECs due to 

composite action. The effect is more obvious on EC1 and IC1 than the others. Moreover, 

EC1 and IC1 undertake the most load from the turbine including the self-weight of the 

turbine and the rotor thrust in LC27. Although EC2, EC3, IC2 and IC3 are connected with 

IC1 and EC1, they have limited effect on transferring and bearing the loads from the wind 
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turbine. Thus, for structural design it is suggested that: 1) different structural design need 

to be provided for different columns to avoid overdesign and material waste, 2) the design 

could be improved to facilitate the load transfer and have a more even distribution of 

stress contour.  

 

 

Figure 3.31 The maximum stress of ICs and ECs in LC12 (wave only) 

 

 

Figure 3.32 The maximum stress of ICs and ECs in LC27 (wave and wind alignment) 
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Figure 3.33 The maximum stress of ICs (left) and ECs (right)  

 

3.4 Discussion 

Prior studies (Michailides et al., 2016, Lee and Lee, 2019, Jiang et al., 2019) documented 

the effect of wave or wind on dynamic response. However, these studies did not include 

the structural performance due to wind, wave, wave-wind alignment, or misalignment. 

Therefore, these aspects have been focused on in this study. The wave direction of the 

environmental conditions was found to have less effect on the equivalent stress of the 

critical connections compared with the wind direction. Although wave-induced stress 

does vary on the surface of the columns, it is less critical than the stress at the connections. 

 

On the contrary, the wind direction is found to play a key role in the stress level of the 

connections. The critical connections are located at the top of the column (P3R). 

Irrespective of the wind direction, the critical stresses are always in compression, where 

buckling is likely to occur.  

 

Wave-wind misalignment has a considerable adverse effect on structural behaviour, 

especially with respect to the stress level. Therefore, the practical environmental data of 

the targeted sea area is essential in simulating FWTs. 

 

Geometrical and material nonlinearities have seldom been considered in investigating the 

structural behaviour of FWT platforms. As a multi-body system, when the stress is 

approaching yield strength, geometrical and/or material nonlinearity would help 
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structures to redistribute the internal stress and maximize the utilisation of the material. 

According to geometrically and materially nonlinear analysis (GMNA), the thickness of 

the floating platform could be reduced by 40% when compared with a linear analysis. In 

other words, the total mass could be reduced by about 1023 tons, which is 14.4% of the 

self-weight of whole floating wind turbine including ballast (Roddier et al., 2010a).  

 

During the design process, more attention should be paid to the connections. The internal 

columns may have punch-shear failure or local buckling due to the large axial force of 

pontoons. The ends of pontoons and bracing may have stress concentrations which could 

lead to local buckling. Therefore, strengthening is recommended for the connection 

region.  

 

An assumption that the external columns are mainly bearing wave load should be 

reconsidered especially for EC1. IC1 not only bears the self-weight of wind turbine and 

wind load but also bears a large portion of wave load. The composite action between 

internal and external columns should not be ignored.  

 

Although this study uses the WindFloat prototype to investigate the structural behaviour 

of SSPs, this approach is applicable to other SSP concepts, especially those with a steel 

truss platform. Like most approaches, the present study also has certain limitations. First, 

it relies on potential flow theory for the wave loads, which may not be accurate for 

extreme waves. In this respect, this approach may be complemented in future with CFD 

or experimental study to investigate the nonlinear effect of wave. Second, equivalent 

static structural analysis is used to save computing cost. In future work, a time-dependent 

(transient) analysis should be undertaken. Third, regular waves are adopted in a 

hydrodynamic model which cannot represent a realistic marine environment, though 

modelling of regular waves can save computer resources and is widely used in the 

hydrodynamic analysis. Compared to a regular wave, the irregular wave has a more 

complicated amplitude. This is because that an irregular wave can be composed of the 

linear superposition of several regular waves with different wave period and height. Parts 

of an irregular wave time series might have a larger/steeper amplitude or smaller/gentler 

amplitude according to the superposition of different regular waves. Therefore, the 

irregular wave may lead to a more complicated motion of the FWT and more extreme 

load cases compared to the regular wave. However, this study mainly focuses on the 
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direction of the wave, the combined effect of a wave with wind, and structural 

nonlinearity. Fourth, the rotor thrust provided by NREL is adopted to consider the wind 

load. Although the impact of platform motions on the rotor thrust is considered, the 

calculated rotor thrust is yet to be validated using monitored data of rotor thrust in 

operation. Other methods of aerodynamic force calculation could also be compared with 

the proposed calculation. Fifth, GMNA is adopted and compared to LA to reduce the 

structural mass of the floating platform. Reducing the mass will impact the platform 

dynamics and resonance frequencies which is not being considered with this optimisation. 

The impact of reducing mass on the dynamic behaviour of FWT will be considered 

comprehensively with structural optimisation in future work. Note that the results were 

drawn on the basis of the WindFloat concept used in this study. Further research would 

be necessary to extend the validity of these analyses to other concepts or environmental 

conditions. 

 

3.5 Conclusions 

The nonlinear structural analysis of a floating offshore wind platform was undertaken 

considering both material and geometric nonlinearities. Potential flow theory was used to 

calculate the hydrodynamic response, and ANSYS APDL was adopted to transfer wave 

data including surface pressures and wave induced acceleration from AQWA to the 

ANSYS mechanical module. Based on the equivalent static structural analysis, 40 load 

cases were analysed to investigate the effect of various load combinations, and to 

determine the most critical load case. Finally, fully nonlinear finite element models were 

established to study the effect of material and geometric nonlinearities. The following 

conclusions have been drawn: 

1. Considering the individual effects of waves and wind, both play a significant role 

in the equivalent stress of the connections. The stress of the tower base is 

dominated by the wind force.  

2. The critical positions are located on the connections of pontoons and internal 

columns on the upper level of the platform, the column supporting the turbine. 

Geometric or material nonlinearities will not alter these critical locations.  

3. Considering the effect of wave and wind directions, the maximum equivalent 

stresses of the connections with relatively large stress are more sensitive to the 

wind direction than the wave direction. 
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4. The azimuthal angle under aligned wave and wind condition should be an 

important consideration. Because the angle especially for 45°, 90° and 135° has a 

significant effect on the stress distribution in structures. However, the effect may 

be different from case to case. The wave-wind misalignment effect would increase 

the maximum equivalent stress of structures by up to 8.5%. 

5. In the worst design case of this study, the thickness of structures could be reduced 

by up to 40% in buckling limit state by considering geometric and material 

nonlinearity. The nonlinear models prove the significance of considering the 

geometrical and material nonlinearity in modelling and designing floating 

offshore wind platforms, especially for large volume shell structures. 

6. Geometrical and material nonlinearities would help structures to redistribute the 

internal stress and maximize the strength of the material. The maximum stress in 

connections and components is reduced due to material yielding and structural 

nonlinear deformations. 

7. Mooring system should be considered and simulated accurately to avoid 

underestimating structural behaviour.  
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CHAPTER 4 – CODE-BASED CYLINDRICAL SHELL DESIGN COMPARISON 

In Chapter 3, the nonlinear global structural behaviour of the floating platform of 

WindFloat has been studied under various environmental conditions in order to identify 

the critical failure modes and investigate the effects of geometric and material 

nonlinearities. To simplify the global model, no geometric imperfections nor internal 

stiffeners were considered. As they have significant effects on the buckling load capacity 

of a cylindrical shell, particularly the thin-walled shell, which is gaining increasing 

demand with the industry pushing towards larger and larger turbines, buckling behaviour 

of cylindrical shells will be targeted in the next two chapters (Chapter 4 & 5). The current 

chapter, Chapter 4, will focus on the code-based design solution comparisons of primary 

load bearing components, e.g. the external and internal columns in the WindFloat 

platform, while Chapter 5 will focus on buckling behaviour of a generic cylindrical shell, 

and the key influential factors to the buckling load capacity.  

 

The worst environmental load case from Chapter 3, which causes the largest stress on the 

internal and external columns, will be adopted as the design load case. The shell structure 

design codes, DNVGL-RP-C202 (2019) (abbreviated as DNVGL), EN1993-1-6 (2007) 

and EN1993-1-6 (2017) are adopted in structural design. It should be noted that EN1993-

1-6 (2007) was the latest version at the time when this research was carried out, which 

was overwritten by a newer version (EN1993-1-6 (2017)) in later stage of this PhD study. 

Although EN1993-1-6 (2007) is still used in the most recent literature (Evkin and 

Lykhachova, 2021, Li and Kim, 2022), a considerable difference has been found in the 

buckling design of cylindrical shells, particularly on how imperfection effect is 

incorporated. Therefore, both the predecessor and the latest version of EN1993-1-6 have 

been adopted in this Chapter.  

 

4.1 Problem Definition 

The WindFloat developed by Principle Power is used as the concept of FWT in this study, 

which has been shown in Figure 3.1. The main geometric dimensions of WindFloat are 

provided in Table 3.1. It is a semi-submersible floating foundation composed of three 

columns to provide buoyancy and support a wind turbine. The structural assumptions of 

the platform have been presented in Section 3.1. The columns, pontoons, bracings and 

tower are all within the category of shell structures. To meet the engineering demands for 
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strength and stability, different limit states such as ultimate limit state, accidental limit 

state and fatigue limit state are considered in the structural design. In this study, the 

buckling resistance of steel shell structures is investigated and the related industry criteria, 

DNVGL standard and EN1993-1-6, are compared to develop a more economical design. 

The standards used in this study are as follows: 

• DNVGL-RP-C202 Buckling strength of shells (DNVGL-RP-C202, 2019) 

• EN 1993-1-6 (2007): Eurocode 3: Design of steel structures – Part 1-6: Strength 

and stability of shell structures (EN1993-1-6, 2007) 

• EN 1993-1-6: 2007+A1: 2017: Eurocode 3: Design of steel structures – Part 1-

6: Strength and stability of shell structures (EN1993-1-6, 2017) 

 

4.1.1 Objectives 

As one of the most important components of the platform, the external and internal 

columns are used to carry out the structural analysis and design. The objectives of the 

work include: 

• To calculate the internal forces of the elements using the results of the analysis of 

the global structural model. 

• To study and compare the DNVGL standard and Eurocode by analysing the 

buckling resistance of steel cylindrical shell structures. 

• To propose a cost-effective solution for the stiffened shell to reduce the weight 

and cost of the hull. 

 

4.2 Obtainment of design loads 

According to the global structural analysis in Chapter 3, LC27 is the most critical case in 

stress level within all wave-wind aligned cases, which is then used to design the external 

columns and the internal columns. The details of LC27 are listed in Table 4.1 and the 

direction of the environmental load is shown in Figure 3.5.  

 

Table 4.1 Environmental condition of LC27 

Regular wave height 9 m 

Wave period 10 s 
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Wave direction 45° 

Wind speed at 10 m elevation 11.4 m/s 

Wind direction 45° 

 

The stress data of each individual structural components can be obtained from Chapter 3, 

which were integrated over the whole cross-section to obtain the design loads, e.g. axial 

force, bending moment, and shear force induced by shear and torsion. It is found that the 

largest design loads occur in the end of the external column and the internal column which 

support the wind turbine. The internal force of the connections between the pontoon, 

heave plate, external and internal columns affects the internal force of external and 

internal columns. Thus, in order to avoid the disturbance of the internal force between the 

connections, the edge sections (Figure 4.1) between the top of the heave plate and the 

bottom of the pontoon are adopted to obtain the largest stresses for the design of the 

external and internal columns. After calculation, the design loads are listed in Table 4.2. 

It should be noted that the factors of load combination have not been considered so that 

the results of design codes and FEA can be compared under the same load case. 

 

 

Figure 4.1 Edge section of external and internal columns 
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Table 4.2 Design loads for external and internal columns 

 Axial force 

(kN) 

Shear force 

(kN) 

Bending 

moment 

(kNm) 

External 

column 

4354 1398 13664 

Internal 

column 

11180 1005 8867 

 

4.3 Unstiffened shell structure design 

The design processes of an unstiffened shell structure based on three design codes, the 

DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017), are presented in Appendix A. In 

this section, the unstiffened shell structure is designed based on these three codes, and the 

design results are compared. 

 

An Excel spreadsheet (Appendix B) has been developed to calculate the structural 

dimensions according to the DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017) rules. 

The calculation procedure follows the flowchart proposed above. To obtain the minimum 

shell thickness, the other parameters (e.g. shell length and radius, yield strength of 

structural steel, etc.) remain unchanged. The design results of the external and internal 

columns based on various design standards are presented in Table 4.3 

 

Table 4.3 Design results of external and internal columns (Unit: mm) 

 DNVGL EN1993-1-

6 (2007) 

EN1993-1-

6 (2017) 

Thickness 

of external 

column  

43 37 37 

Thickness 

of internal 

column 

33 28 28 

 

The solutions of the three design standards are rather similar, and they are all semi-

empirical when considering the effect of geometric imperfections. The DNVGL uses the 

reduced buckling coefficient C and the reduced shell slenderness 𝜆�̅�  to calculate the 

buckling strength of a shell. By contrast, EN1993-1-6 proposes the imperfection 

reduction factor α and the buckling reduction factor χ to calculate the design stress value. 

The DNVGL code uses a larger partial safety factor γM = 1.45 compared with γM = 1.1 of 
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the EN1993-1-6 (2007) and EN1993-1-6 (2017). Thus, the required thicknesses of the 

cylinder based on two versions of EN1993-1-6 are smaller than that of the DNVGL. It 

should be noted that reducing or increasing the thickness of the column will impact the 

platform dynamics and resonance frequencies which is not being considered with this 

optimisation. 

 

As can be seen from the design spreadsheet, in this study, the cylindrical shell is 

dominated by the circumferential (hoop) buckling. The EN1993-1-6 (2007) and EN1993-

1-6 (2017) have the same design process on circumferential buckling, so they predict the 

same shell thickness to resist the external pressure on the column surface. 

 

4.4 Stiffened shell structure design 

Shell buckling is usually the major failure mode of a shell structure and geometric 

imperfection is usually the main cause of shell buckling failure. Therefore, stiffeners are 

commonly used on a shell surface to reduce the imperfection, improve stability and 

reduce the material usage. The design processes of stiffened shell structure based on three 

design codes, the DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017), are presented in 

Appendix A. In this section, the design results based on these three codes are presented. 

 

4.4.1 DNVGL-RP-C202 

In the structural design of unstiffened shell, if the design loads are obtained and the length 

and radius of the cylindrical shell are determined, the thickness can be designed by using 

the design codes. The design loads, which have been used to design the external and 

internal columns, are also adopted to design the external and internal columns with 

stiffeners. Different from the structural design of unstiffened shells, more variables 

besides the thickness need to be considered in the stiffened shell design. Thus, there is no 

unique result for the structural design of stiffened shells.  

 

Under the literature review of optimization design of offshore structures, the existing 

studies mainly focus on mass reduction, however other factors of fabrication should also 

be considered. Therefore, to carry out an effective design, two objectives are proposed as 

two design cases. Design case 1 is used to minimize the mass of shell structure and design 

case 2 is used to minimize the cost in the fabrication analysis shown in Table 4.4, such as 
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labour welding and filler material. In this section, fillet weld (Figure 4.2) is adopted to 

connect the stiffeners and shell. Assumptions of welding speed are provided as 100 

mm/min based on friction stir welding (Shen et al., 2010, Li et al., 2017). The leg length 

l of weld is 0.7t (t is the thickness of panel) (MCA, 2020). According to the structural 

scantlings, the length, dimensions and material weight of filler rod can be determined. 

The weight of filler rod mw is calculated as: 

𝑚𝑤 = 𝐴𝐿𝑤𝜌𝑤 = 0.5𝑙2𝐿𝑤𝜌𝑤  (4.1) 

where A is the cross sectional area of weld, Lw is the length of weld and ρw is the density 

of weld using 7.85 g/cm3. Thus, based on the length of welding and the welding speed, 

the required labour time of welding can be calculated. The total costs of the fabrication 

include the material costs of steel plate and filler rod and labour welding are estimated. 

 

 

Figure 4.2 Fillet weld 

 

Table 4.4 Costs considered in the fabrication analysis (Quintana, 2016, Shen et al., 2010, Li et al., 

2017) 

Cost voice Specification Unit cost 

Steel plate Structural steel 1 €/kg 

Labour welding 
Welding speed: 100 

mm/min  
20 €/h 

Filler rod Solid wire 2 €/kg 

 

An Excel spreadsheet (Appendix B) using the Solver add-in function has been developed 

to carry out the structural design of the stiffened shell. The solver is used to find an 

optimal value for formulas in one cell (called the objective cell) by changing the design 

variables. The objective value is subjected to constraints, or limits, on the values of other 

formula cells on a worksheet. The specific process and the definition of the objective, 

constraints, and design variables are as follows. Firstly, the objective and the constraints 
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need to be determined in the spreadsheet. The objectives have been provided for two 

design cases. The constraints are as following: 1) the design buckling strength of every 

part is larger than the design stress induced by the design loads; 2) the structural 

dimensions meet the geometric proportions requirement; and 3) the structure meets the 

stability requirement which has been introduced in Section A.1.1. In addition, the design 

variables (the shell thickness, the dimensions of ring and longitudinal stiffeners) are 

adjusted to satisfy the constraints and produce the best result for the objectives.  

 

Table 4.5 summarizes the dimensions results of the stiffened shells used as the external 

and internal columns based on the two design cases. As can be seen from Table 4.5 and 

Figure 4.3, the thickness of the shell, the web and flange of the longitudinal stiffener in 

Case 1 are thin and narrow. The philosophy of optimised structural dimensions based on 

Case 1 considering mass reduction only is to decrease the steel thickness and to utilise 

the strength of material as much as possible. The ring stiffeners are mainly used to bear 

the external pressure, while the longitudinal stiffeners are used to increase the axial 

compression capacity. In case 1, the web thickness of the ring stiffeners is much thicker 

than the web thickness of the longitudinal stiffeners; whereas in case 2 it is not necessary 

to have the longitudinal stiffeners. This is because the ring stiffeners are used to resist the 

circumferential buckling as the external column and the internal column bear a large 

pressure induced by wave and ballast water, respectively. However, the longitudinal 

stiffeners and ring stiffeners need more filler material and labour to weld, so the 

longitudinal stiffeners are not adopted in Case 2 to save costs.  

 

According to Table 4.6, although the cost of structural steel is cut down to 37,102 € and 

23,719 € in Case1 for the external and internal columns, which account for 40% and 25% 

cost of them in Case 2. However, the costs of labour welding and filler material of cases 

1 are surprisingly high. When the fabrication of connections is considered, the cost 

decreases 69% from 311,201 € to 96,396 € and 44% from 177,141 € to 98,711 € for the 

external and internal columns, respectively. It is found that the external column has more 

potential to reduce the cost of fabrication when compared with the internal column. 

 

Table 4.5 Optimised results of the structural dimensions (unit: mm) 

 External Column Internal Column 
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Case 1 Case 2 Case 1 Case 2 

Shell thickness t  2.9 11 2.9 12 

Distance of ring frames l  2098 1420 1705 1970 

Longitudinal stiffener web 

width hs  
18.8 0 20.8 0 

Longitudinal stiffener web 

thickness tws  
0.6 0 0.6 0 

Longitudinal stiffener 

flange width bs  
9.6 0 11.2 0 

Longitudinal stiffener 

flange thickness tfs  
0.6 0 0.6 0 

Spacing of longitudinal 

stiffener s  
42.1 0 45.8 0 

Ring web width hr  399.8 360 379.9 388 

Ring web thickness twr  12.2 11 11.6 11.8 

Ring flange width br  0 0 11.6 0 

Ring flange thickness tfr  0 0 5 0 

 

    

                       (a)                                               (b)                                        (c)                           (d) 

Figure 4.3 Geometries of (a) external column Case 1, (b) external column Case 2, (c) internal 

column Case 1 and (d) internal column Case 2 
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Table 4.6 Costs considered in the fabrication analysis (unit: €) 

Cost item 

External Column Internal Column 

Case 1 Case 2 Case 1 Case 2 

Steel 37,102 91,814 23,719 95,406 

Labour welding 271,541 3,982 151,990 2,872 

Filler material 2,558 600 1,432 433 

Total Cost 311,201 96,396 177,141 98,711 

 

4.4.2 EN1993-1-6 (2007) & (2017) 

After calculation, Table 4.7 summarizes the dimensions results of the stiffened shells used 

as the external and internal columns based on EN1993-1-6 (2007) and EN1993-1-6 

(2017). Figure 4.4 shows the geometries of the external and internal columns EN1993-1-

6 (2017) (EN1993-1-6 (2007) and EN1993-1-6 (2017) provide similar results, thus the 

results of EN1993-1-6 (2017) are shown only). As can be seen from Table 4.7, EN1993-

1-6 (2007) provides a more conservative result with a shorter distance of ring frames. The 

main reason is that the plastic resistance of bending moment is considered in EN1993-1-

6 (2017) based on the RRD method, however, EN1993-1-6 (2007) uses a purely elastic 

analysis to calculate the structural resistance due to bending. The strength of the material 

is better utilized in EN1993-1-6 (2017). 

 

Compared with the dimensions of the cylinder with ring stiffeners predicted by DNVGL 

in Table 4.5 and EN1993-1-6 (2017) in Table 4.7, DNVGL provides a more conservative 

result with a shorter distance (1970mm for internal column) of ring frames and a thicker 

ring thickness (11mm and 12mm for the external and internal column respectively). As 

with EN 1993-4-1 (EN1993-4-1, 2007) and EN 1993-4-2 (EN1993-4-2, 2007), EN1993-

1-6 is normally used to design tanks and silos which contain liquid and solid with internal 

pressure. The external ring frame would be extended by the cylinder thus the ring 

buckling does not need to be checked. However, offshore structures are used in the marine 

environment and for bearing large external forces. The ring frame is going to undertake 

the inward pressure, which may cause ring buckling. Thus, the buckling mode of the ring 

frame is required to carry out a safe structural prediction. Moreover, longitudinal 

stiffeners are suggested to add to these design codes of the stiffened shell. For these 
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reasons, EN1993-1-6 (2007) and EN1993-1-6 (2017) still need to be improved to be more 

applicative for the stiffened shell of offshore structures. 

 

Table 4.7 Structural dimensions of stiffened shell (unit: mm) 

 

EN1993-1-6 (2007) EN1993-1-6 (2017) 

External 

column 

Internal 

column 

External 

column 

Internal 

column 

Radius r 5000 3000 5000 3000 

Shell thickness t  11 12 11 12 

Distance of ring frames l  1250 2700 1420 2950 

Ring web width hr  360 388 360 388 

Ring web thickness twr  6 3 6 3 

 

    

(a)                                     (b) 

Figure 4.4 Geometries of (a) external column, (b) internal column based on EN1993-1-6 (2017) 
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4.5 Conclusions 

Combined with this chapter and the previous chapter, a complete process from structural 

analysis to structural design for the components of a floating platform is presented. This 

chapter has presented the design loads for the structural design of the shell structure based 

on the previous study. The design process based on three design codes (DNVGL-RP-

C202, EN1993-1-6 (2007) and EN1993-1-6 (2017) is introduced. The structural design 

and design comparison of the external and internal columns with and without stiffeners 

are provided based on these design codes.  

 

Compared with EN1993-1-6 (2007) and EN1993-1-6 (2017), DNVGL predicts a thicker 

unstiffened cylinder because of a larger partial safety factor. As EN1993-1-6 (2007) and 

EN1993-1-6 (2017) provide the same design process of circumferential buckling, they 

predict the same thickness for the unstiffened cylinders when the cylindrical shell is 

dominated by circumferential buckling. Furthermore, the FE model predicts a larger 

thickness for the external and internal columns of a floating platform to resist the local 

buckling compared with the results of the code-based approaches. Thus, for this type of 

complex offshore structure, the different analysis and design methods need to be 

considered synthetically to provide a comprehensive and safe structural analysis and 

design.  

 

According to the stiffened shell design, the shell thicknesses of both the external and 

internal columns are cut down significantly if the longitudinal and ring stiffeners are 

adopted according to the DNVGL code. The stiffeners can improve the stiffness and 

reduce the material mass, but excessive stiffeners will increase extra costs such as filler 

material and labour related to welding. After taking into consideration the labour, the 

overall costs of the external and internal columns are reduced sharply. The design results 

of the stiffened shells are largely determined by the constraints and the assumptions. For 

example, the design case of minimizing the costs in the fabrication considers the relevant 

costs of welding. Other fabrication conditions have not been considered such as 

installation or transportation. The effect of welding on fabrication is wide and depends 

on the different equipment and method of welding. The LCOE reduction of the project 

for FWTs can be further studied by a more optimized design considering more conditions, 

which is the initial motivation of this thesis. Furthermore, DNVGL provides a more 

conservative design result for the cylindrical shell with ring stiffeners compared with 



148 

 

EN1993-1-6 (2007) and EN1993-1-6 (2017) as the ring buckling check is neglected in 

these two Eurocode. EN1993-1-6 (2007) and EN1993-1-6 (2017) need to be improved if 

they are adopted for the stiffened shell of offshore structures. 
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CHAPTER 5 – ULTIMATE STRENGTH OF UNSTIFFENED CYLINDRICAL 

SHELL UNDER COMBINED COMPRESSION AND BENDING 

Nonlinear structural response of floating offshore wind platforms under various actions 

of environmental forces has been studied in Chapter 3. After that, the external and internal 

columns, as primary structural components, are designed using various design codes in 

Chapter 4, based on the assumptions that those design codes are all fit for purpose. 

However, EN1993-1-6 is recommended for structures with r/t<160, same as the DNVGL 

which follows the same recommended slenderness range (DNVGL-ST-0126, 2018). With 

the industry pushing towards larger wind turbines, large floating platforms with r/t 

exceeding 160 are likely to be in demand in order to meet the floatability and stability 

requirements. Therefore, the structural behaviour of shells, particularly the buckling load 

capacities, of a wide range of slenderness needs to be further investigated. Considering 

the complex load conditions that the offshore floating structures will experience during 

the life time, the buckling behaviour under combined compression and bending is going 

to be studied numerically. Although torsion is a critical failure mode for the wind tower, 

it is less critical for the floating platform due to its large torsional stiffness, which is 

therefore neglected is this chapter.  

 

Firstly, the ultimate strength of unstiffened cylindrical shells with a wide range of ratio 

of r/t (Radius/thickness) (including r/t of the external and internal columns of 

WindFloat’s platform) under combined compression and bending is studied based on 

FEA and code-based approach (DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017)). 

Secondly, based on the data of the ultimate strength of cylindrical shells, the accuracy of 

these codes is evaluated. Thirdly, the reliability analysis of the shell design codes is 

carried out and recommended modification to partial safety factor is proposed to improve 

the design codes. Finally, a case study of the ultimate strength of stiffened cylindrical 

shells is presented, which is used to compare with the unstiffened cylindrical shell. 

 

5.1 Code-based approach 

In order to obtain the design strength of cylindrical shells, different design guidelines 

(DNVGL-RP-C202 (2019) (abbreviated as DNVGL), EN1993-1-6 (2007) and EN1993-

1-6 (2017)) are used and compared with finite element models. The formulae for 
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calculating design buckling strength under axial compression, bending moment, and 

combined axial compression and bending moment have been presented in Chapter 4. This 

section presents the recommended tolerance of initial geometric imperfection as given by 

the design guidelines.  

 

5.1.1 Tolerances of initial geometric imperfection 

According to DNVGL (DNVGL, 2020) guidance, the maximum imperfection tolerance 

δ is given as: 

𝛿 =
0.01𝑔

1+𝑔/𝑟
  (5.1) 

where: 

g is the length of imperfection, and equal to min [s, 1.15√𝑙√𝑟𝑡, πr/2] along the 

circumferential direction, or min [l, 4√𝑟𝑡] along the longitudinal direction; 

s is the stringers (longitudinal stiffeners) spacing;  

l is the distance between rings;  

r is the radius shown in (a)                                                         (b) 

Figure 5.1. 

 

 

(a)                                                         (b) 

Figure 5.1 Definition of (a) δ and g, (b) s, l and r (DNVGL, 2020) 
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In both EN1993-1-6 (2007) and EN1993-1-6 (2017), the same parameters of the 

geometric imperfection are recommended. The maximum imperfection amplitude ∆𝑤0,𝑒𝑞 

should be the larger value of ∆𝑤0,𝑒𝑞,1 and ∆𝑤0,𝑒𝑞,2: 

∆𝑤0,𝑒𝑞,1 = 𝑙𝑔𝑈𝑛1   (5.2) 

∆𝑤0,𝑒𝑞,2 = 𝑛𝑖𝑡𝑈𝑛2   (5.3) 

where: 

lg is the relevant gauge lengths shown in Figure 5.2;  

ni is a multiplier to achieve an appropriate tolerance level (ni = 25 is recommended);  

Un1 and Un2 are the dimple imperfection amplitude parameters for the relevant 

fabrication tolerance quality class. The recommended values are given in Table 5.1. 

 

 

(a)                                                                                               (b) 

Figure 5.2 Gauge length lg measured on (a) meridian and (b) circumferential circle (EN1993-1-6, 

2017) 

 

Table 5.1 Recommended values for dimple imperfection amplitude parameters Un1 and Un2 

Fabrication 

tolerance 

quality class 

Description Recommended 

value of Un1 

Recommended 

value of Un2 
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Class A Excellent 0.010 0.010 

Class B High 0.016 0.016 

Class C Normal 0.025 0.025 

 

In buckling strength calculation, the fabrication quality parameter Q is used to calculate 

the elastic imperfection reduction factor α. Q is classified by fabrication tolerance quality 

class A, B and C, which should be consistent with the selection of Un1 and Un2. In this 

study, Class B (High quality class) is adopted to study the ultimate strength of a cylinder. 

 

5.2 Description of the numerical model 

5.2.1 Material properties 

High tensile structural steel, S355, was used for the studied shell, where the yield strength 

and elastic modulus are taken as 355 MPa and 210 GPa, respectively. Where strain 

hardening is included, a tangent modulus of 2.1 GPa (1% of the elastic modulus) is used. 

Figure 3.14 has plotted the nonlinear stress-strain curves of S355 structural steel. 

 

5.2.2 Geometric imperfection 

An eigenvalue buckling analysis based on the linear perturbation method is carried out 

first, and the first buckling mode is adopted as an imperfection profile of the cylinder. As 

the cylinders of FWTs work in a complex marine environment, they have to bear multiple 

loads including self-weight of wind turbine, wave loads, bending moment from tower 

base generated by wind loads, lateral forces from trusses or collisions with boats, etc. 

Thus, four different types of loads are used to generate the imperfection profiles: axial 

compressive load, lateral pressure, bending moment and lateral point load. Figure 5.3 

plots the first buckling mode shapes of the cylinder subjected to the four different loads, 

which are to be used as the imperfection a, b, c, and d in later studies. As the focus of this 

chapter is to study the preliminary effect of the single imperfection profile of the cylinder, 

the combined imperfection has not been considered and it will be carried out in future 

work. 
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(a)                                        (b)                                          (c)                                            (d) 

Figure 5.3 Imperfection profiles subjected to (a) axial compression load, (b) lateral pressure, (c) 

bending moment and (d) lateral point load (amplified by 50 times) 

 

5.3 Finite element modelling 

Nonlinear buckling analyses of simply supported cylindrical shells under combined axial 

compression and bending moment are performed using shell element (shell 181) in 

ANSYS. In order to facilitate the analysis (finite element analysis), only a half length of 

the cylindrical shell is analysed because of symmetric nature of the shell. As shown in 

Figure 5.4, the half model of the shell has two end sections; one represents the symmetric 

plane on which the longitudinal displacement and three rotations are constrained; the 

other is the simply supported plane on which the radial and circumferential displacements 

are constrained. For the presentation, however, the results such as stress contours are 

presented for the entire shell by using mirror function. To obtain the M-N interaction 

curves of the cylindrical shell under compression and bending, eccentric forces are 

applied on the top of the cylinder through a remote point, as shown in Figure 5.4. The 

compression is equal to the eccentric force and the bending is equal to the eccentric force 

multiplied by the eccentric distance S.  
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Figure 5.4 Boundary condition and loading mode 

 

The simulation process is provided as follows: firstly, a static structural analysis based on 

a unit perturbation load is carried out; secondly, the results (pre-stress) were transferred 

to a linear eigenvalue buckling analysis to obtain the eigenvalue and corresponding 

buckling mode shapes; thirdly, the first eigenvalue buckling mode shape is adopted as the 

initial geometric imperfection, with a magnitude as defined by either Eurocode or 

DNVGL; lastly, a geometric and material nonlinear analysis (GMNA) is carried out in 

static structural module.  

 

5.3.1 Case study of a FE model 

In this section, a case study is carried out to justify the significance of the internal forces 

in the floating platform. Different from the shell element that is used in Chapter 3, the 

beam element is adopted to obtain the internal forces. In Chapter 3, two steel shells are 

used to represent the internal and external columns. According to the WindFloat concept 

in Figure 3.1, the internal columns, pontoons and bracings are connected as a load-bearing 

frame; the external columns cover the internal columns. In this case study, the external 

columns, wind turbine and heave plates have not been considered and the load-bearing 

frame is evaluated only. The simply supported boundary condition is applied at the end 
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of the internal column. The sketch of WindFloat platform shown in beam element is 

shown in Figure 5.5.  

 

 

Figure 5.5 Sketch of WindFloat platform shown in beam element 

 

To assess the internal forces of the components, a horizontal point load (800 kN, which 

is based on the maximum thrust of a 5 MW wind turbine shown in Figure 3.3) from 0°, 

45°, 90°, 135° and 180° (refer to Figure 3.5) is applied on the top of the tower to simulate 

the wind load. After comparing of all components, IC1 is the most critical component 

which has the largest axial force, bending moment and torsional moment. The internal 

forces and the stresses induced by the forces of IC1 are summarized in Table 5.2. 

Compared with the stress induced by the axial force and the stress induced by the bending 

moment, the largest shear stress induced by the torsion is only 0.5 MPa, which is 

negligible. Thus, torsion has not been considered in the study of ultimate strength of the 

cylindrical shell. 
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Table 5.2 Summary of internal forces and stresses of IC1 

Direction 

of point 

load  

Maximum axial 

force (kN) 

(negative means 

compression) 

Normal stress 

due to axial 

force(MPa) 

Maximum 

bending 

moment 

(kNm) 

Normal stress 

due to 

bending 

moment 

(MPa) 

Maximum 

torsional 

moment 

(kNm) 

Shear stress 

due to torsion 

(MPa) 

0° -8695  -9.2 69892 50.2 8E-09 0 

45° -9347  -9.9 69828 50.1 1008 0.4 

90° -10923 -11.6 69765 50.1 1426 0.5 

135° -12499  -13.3 69828 50.2 1008 0.4 

180° -13151 -14.0 69892 50.2 8E-09 0 

 

5.3.2 Test matrix 

The tests of FEA can be categorized into two groups: Group A and B. In Group A, the 

parameters of models are determined according to the geometry of the external and 

internal columns, which is presented as follows:  

• Radius to thickness ratio: r/t = 50 & 100 (5 m/0.1 m & 5 m/0.05 m for external 

columns; 3 m/0.06 m & 3 m/0.03 m for internal columns);  

• Length to radius ratio: L/r = 5.4 & 9.0 (27 m/5 m for external columns; 27 m/3 m 

for internal columns); 

• Maximum geometric imperfection amplitude based on two guidelines: DNVGL 

& Eurocode; 

• Imperfection profiles: four imperfection profiles as shown in Figure 5.3. 

 

Based on Group A, the effects of imperfection profiles and amplitudes can be determined. 

However, it is inadequate to assess the accuracy and reliability of the design standards 

due to the small range of geometrical slenderness that is covered in Group A. Hence, the 

geometrical parameters of cylinders are extended to carry more tests in Group B. In the 

literature (Wang and Sadowski, 2018, Wang et al., 2018a), r/t is adopted ranging from 

200 to 1000, so r/t = 200, 500 & 1000 are considered in Group B. Furthermore, three 

lengths of cylinders are adopted: short, medium and long cylinders based on Eurocode’s 

recommendation. Only one imperfection profile (Imperfection c) has been used in Group 

B as it is concluded to be the most critical profile from Group A tests.  
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The geometrical properties of Group A and B are summarised in Table 5.3 and Table 5.4. 

There are 32 models in Group A and 18 models in Group B. To describe the strength 

capacity of cylindrical shell under combined axial load and bending moment, M-N 

interaction curve is adopted, which displays the maximum axial load and bending 

moment that a column could carry in x axis and y axis. It is necessary to have enough 

data to describe a M-N interaction curve. Based on the analysis experience of finite 

element modelling and related literature of cylindrical shell under combined loads 

(Garzón-Roca et al., 2012), around ten load cases were run to plot one M-N curve (one 

M-N curve represents one model). Therefore, in total 50 models and 469 test cases have 

been carried out.  

 

Table 5.3 Geometrical properties of Group A 

Series L/r r/t L (m) r (m) t (mm) Max. imperfection 

amplitude (mm) 

Imperfect

ion 

profiles 

1 5.4 100 27 5 50 14.3 (DNVGL) 

Four 

imperfect

ion 

profiles a, 

b, c and d 

2 5.4 100 27 5 50 32.0 (EN1993-1-6) 

3 5.4 50 27 5 100 18.1 (DNVGL) 

4 5.4 50 27 5 100 45.3 (EN1993-1-6) 

5 9.0 100 27 3 50 8.6 (DNVGL) 

6 9.0 100 27 3 50 19.2 (EN1993-1-6) 

7 9.0 50 27 3 100 10.8 (DNVGL) 

8 9.0 50 27 3 100 27.2 (EN1993-1-6) 

 

Table 5.4 Geometrical properties of Group B 

Series L/r r/t L (m) r (m) t (mm) 

Length 

param

eter ω 

Cylinder 

types 

Maximum 

imperfection 

amplitude of profile c 

(mm) 
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DNVGL EN1993-

1-6 

(2007) & 

(2017) 

9 0.12 200 0.6 5 25 1.7 Short 4.79 22.62 

10 3.54 200 17.68 5 25 50 Medium 11.02 22.62 

11 14.14 200 70.71 5 25 200 Long 11.02 22.62 

12 0.08 500 0.38 5 10 1.7 Short 3.14 14.31 

13 5.59 500 27.95 5 10 125 Medium 7.59 14.31 

14 22.36 500 111.80 5 10 500 Long 7.59 14.31 

15 0.05 1000 0.27 5 5 1.7 Short 2.26 10.12 

16 7.91 1000 39.53 5 5 250 Medium 5.61 10.12 

17 31.62 1000 158.11 5 5 1000 Long 5.61 10.12 

 

5.3.3 Mesh convergence study 

Mesh convergence study is performed to obtain an optimal mesh element size. Two 

models with four imperfection profiles are selected for mesh convergence study: Series 3 

(L/r = 5.4 and r/t = 50) and 6 (L/r = 9 and r/t = 100) shown in Table 5.3. The mesh element 

size ranges from 50 mm to 1000 mm. The results of mesh convergence study are 

presented in Figure 5.6 including the buckling displacement of the structure and the 

running time of the FE analysis. The maximum buckling displacement is converged when 

mesh size is smaller than 200 mm, while the running time increases exponentially 

accordingly. The largest difference of the ultimate displacement of Series 3 and 6 between 

mesh size 50 mm and 200 mm are 1.47% (Imperfection c) and 3.32% (Imperfection c) 

respectively. Balancing the accuracy of results and computational cost, a mesh size of 

200 mm is adopted in all FE modelling. 
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(a) Series 3 L/r = 5.4 and r/t = 50 

 

 

(b) Series 6 L/r = 9 and r/t = 100 

Figure 5.6 Results of mesh convergence study 

 

5.3.4 Validation of the model 

In order to ensure the accuracy of FE modelling, the present model needs to be validated 

before carrying out parametric studies. The buckling behaviour is largely determined by 

the ratio of radius-to-thickness (r/t) of the shell. In this study, the results of cylindrical 
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shells with r/t = 50, 100, 333 and 796 obtained from ANSYS FE prediction are validated 

with the existing experimental or numerical predictions.  

 

Ifayefunmi (2016) studied the buckling behaviour of cylindrical shells with r/t = 50, 100 

under axial compression using experimental and numerical methods. In the cylinder 

compression testing shown in Figure 5.7, the cylinder specimen is clamped between two 

platens. The top movable platen is gently descended to apply axial load until the specimen 

collapses. The experimental results of the ultimate capacity of cylindrical shells with r/t 

= 50 and 100 are used in the following validation work. Wang et al. (2019) studied the 

imperfection generation approaches in order to provide an accurate prediction of the 

buckling load of cylindrical shells with r/t = 333 under axial compression. The worst 

multiple-perturbation load approach (WMPLA) (the most detrimental combination of 

three dimple-shape imperfections) is adopted to generate the initial geometric 

imperfection for the cylindrical shells with r/t = 333  in the present FE model in the 

validation work. Li et al. (2021) carried out the experiment and numerical simulation of 

a cylindrical shells with r/t = 796 under axial compression. The geometry of the cylinder 

is measured using 3D scanning technology. According to the measured imperfection 

profile, WMPLA is used to build the geometry of the cylindrical shell in the present FE 

model in the validation work. 

 

The finite element model based on ANSYS has been presented in Figure 5.4 using a 

symmetric boundary condition. A displacement along the z axis is applied on the top end 

to produce the axial compression to obtain the load-displacement curve and the buckling 

capacity. In the mesh convergence study, the ratio of radius to mesh element size is 

5m/0.2m = 25. Following this ratio of radius to mesh element size, the mesh element sizes 

are 2mm, 2mm, 20mm and 30mm for the cylindrical shells with r/t = 50, 100, 333 and 

796, respectively. 

 

Table 5.5 Geometries of validation model (Li et al., 2017, Ifayefunmi, 2016, Wang et al., 2019) 

r/t 50 100 333 796 

r (mm) 50.6 50.9 500 796 
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t (mm) 1 0.5 1.5 1 

L (mm) 112.4 113.06 600 620 

Maximum 

imperfection 

amplitude 

(mm) 

0.5 0.47 0.374 20.53 

 

 

Figure 5.7 Test arrangement for cylinder provided by Ifayefunmi (2016) 

 

Figure 5.8 shows the load-displacement curve of the cylindrical shells with r/t = 50, 100, 

333 and 796. In Figure 5.8 (a), the different inclined slopes between the FE prediction 

and experiment can be found. The main reason is that the boundary conditions of the 

specimen ends are not perfectly clamped as in the numerical model. As the testing goes 

on, the axial compression may not be transferred rapidly in the specimen. The plots of  

Figure 5.8 (b) follow a similar path up until collapse. In the post-buckling stage, the 

ultimate strength between the present model and the existing model has an 

apparent discrepancy. Figure 5.8 (c) has a similar comparison result to Figure 5.8 (b). The 

reason is that the thickness of the cylindrical shells with r/t = 333 and 796 are thin, and 

the imperfection profiles are more complex than the cylindrical shells with r/t = 50 and 
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100. Different imperfection profiles lead to different buckling modes and post-buckling 

behaviours. Thus, the post-buckling behaviours of the cylindrical shells with large r/t are 

difficult to predict. Table 5.6 summarises the buckling load of the cylinders provided by 

the present ANSYS model and the existing experimental and numerical simulations. It 

can be found that there is a good agreement between these predictions with 5% maximum 

difference. Therefore, it can be concluded that the present model is adequate and can be 

adopted to carry out the following parametric studies.  

 

 

(a) r/t=50 and 100 (Ifayefunmi, 2016)                     (b) r/t=333 (Wang et al., 2019) 

 

(c) r/t=796 (Li et al., 2021) 

Figure 5.8 Load-displacement curves of the present model and existing studies  
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Table 5.6 Comparison of ANSYS predictions with the existing experimental and numerical 

predictions 

r/t E (GPa) fy (MPa) FANSYS 

(kN) 

Fexp or 

Fnum (kN) 

FANSYS/ 

Fexp or 

Fnum 

50 214.0 256.2 81.19 84.67 0.96 

100 193.7 203.1 31.60 30.13 1.05 

333 75.538 357 503.43 516.05 0.98 

796 200.0 600.0 207.30 202.39 1.02 

 

5.4 Results and discussion of unstiffened cylindrical shells 

5.4.1 Effect of imperfection profiles 

Figure 5.9 presents the ultimate capacities of the cylindrical members under combined 

bending moment and axial compression by using different imperfection profiles and 

perfect shell. Overall, the cylinders with Imperfection b have the largest buckling strength 

compared with the other imperfection profiles. The buckling strength of the cylinders 

with Imperfection b is almost equal to the buckling strength of the perfect cylindrical shell. 

As for the models in Series 3 & 4, Series 5 & 6 and Series 7 & 8, the cylinders with 

Imperfection c have the smallest buckling strength. Furthermore, in model Series 1 & 2, 

Imperfection a and c become the most critical imperfection profiles. In general, 

Imperfection c is most detrimental to structural performance and the failure mode due to 

Imperfection c will be studied and compared with the other imperfection profiles.  
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(a) Series 1 & 2                                                                        (b) Series 3 & 4 

 

(c) Series 5 & 6                                                                        (d) Series 7 & 8 

Figure 5.9 Ultimate capacity of cylinders under combined compression and bending moment 

 

5.4.2 Effect of imperfection amplitudes 

Figure 5.10 (a) to (d) shows the effect of different imperfection amplitudes based on FE 

analysis for Imperfection a, b, c and d respectively. The ultimate strength of the cylinder 

with a large imperfection amplitude is compared against the cylinder with a small 

imperfection amplitude. As summarized in Table 5.3, the maximum amplitude of 

imperfection according to Eurocode is more than twice as that based on DNVGL. Thus, 

the imperfection amplitude recommended by EN1993-1-6 (2007) and EN1993-1-6 (2017) 

corresponds to large amplitude, and amplitude recommended by DNVGL corresponds to 
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imperfection amplitude and large imperfection amplitude, respectively. MS and ML are 

the ultimate bending moment capacities of the cylinder with small imperfection amplitude 

and large imperfection amplitude, respectively. 

 

It can be seen that all of dot data lies outside the solid line, which means that the ultimate 

strength of the models with small imperfection amplitude is larger than that of the models 

with large imperfection amplitude. In other words, a larger imperfection amplitude would 

significantly reduce the strength of the cylindrical shell. Among all four imperfection 

profiles, Imperfection b is the least sensitive to the imperfection amplitude. In addition, 

various colours of the dot data mean the model with various geometric dimensions. As 

can be seen from Figure 5.10 (a), with changing of the geometric dimensions, the dot data 

have a large difference on the ultimate strength. In other words, Imperfection a is more 

sensitive to geometric dimensions, while imperfection b is less sensitive to dimensions of 

the cylinder. 

 

Figure 5.11 presents the ratio of the buckling strength between the small imperfection 

amplitude and large imperfection amplitude. fS and fL mean the FEA buckling strength 

with the small imperfection amplitude and large imperfection amplitude, respectively. 

The buckling strength of L/r = 5.4 and r/t = 100 is more sensitive to the imperfection 

profile as the ratio fS/fL of this model has the biggest fluctuation range from 1.01 to 1.34 

with the mean value of 1.14. For the model of L/r = 9 and r/t = 50 it has the smallest mean 

value of fS/fL, and thus it is least affected by the imperfection amplitude.  
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(a)  Imperfection profile a                                                   (b) Imperfection profile b 

  

(c) Imperfection profile c                                                       (d) Imperfection profile d 

Figure 5.10 Comparison of the buckling resistance of cylinders under different imperfection 

amplitudes 
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Figure 5.11 Ratio of the buckling strength between small imperfection amplitude and large 

imperfection amplitude 

 

5.4.3 Comparison between design codes 

The partial safety factor γM is used to ensure that the structural design possesses a certain 

target reliability level. It is defined as: 

𝛾𝑀 =
𝑓𝑘𝑠

𝑓𝑘𝑠𝑑
   (5.4) 

where fks is the characteristic buckling strength and fksd is the design buckling strength. 

According to DNVGL, γM is recommended as: 

𝛾𝑀 = 1.15                        𝑓𝑜𝑟 𝜆�̅� < 0.5 

𝛾𝑀 = 0.85 + 0.60𝜆�̅�      𝑓𝑜𝑟 0.5 ≤ 𝜆�̅� ≤ 1.0    (5.5) 

𝛾𝑀 = 1.45                        𝑓𝑜𝑟 𝜆�̅� > 1.0 

where 𝜆�̅� is the reduced shell slenderness: 

�̅�𝑠 = √
𝑓𝑦

𝜎𝑗,𝑆𝑑
[

𝜎𝑎0,𝑆𝑑

𝑓𝐸𝑎
+

𝜎𝑚0,𝑆𝑑

𝑓𝐸𝑚
+

𝜎ℎ0,𝑆𝑑

𝑓𝐸ℎ
+

𝜏𝑆𝑑

𝑓𝐸𝜏
]   (5.6) 

where σa0,sd, σm0,sd, σh0,sd and τsd are the design stress due to axial forces, global bending 

moment, external pressure and shear force, respectively; fEa, fEm, fEh and fEτ are the elastic 

buckling strengths due to axial forces, global bending moment, external pressure and 
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shear force, respectively; σj,sd, is the design equivalent von Mises’ stress. In this study, 

the calculated γM ranges from 1.18 to 1.45. According to EN1993-1-6 (2007) and 

EN1993-1-6 (2017), γM should not be smaller than 1.1. Therefore γM=1.1 is adopted in 

all cases. 

 

In this section, the accuracy of DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017) 

design methods are assessed. Figure 5.12 plots the comparisons of the ultimate eccentric 

load capacity obtained from FEA (FFE) and the characteristic load capacity (Fks) predicted 

by DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017), respectively. Note that in FE 

model the initial imperfection profiles (including all imperfection profiles a, b, c and d) 

and amplitudes are adopted based on corresponding code. Overall, EN1993-1-6 (2017) 

design method is found to outperform the others, with a mean value of FFE/Fks at 1.06 for 

EN1993-1-6 (2017), compared with 1.23 and 1.48 for DNVGL and EN1993-1-6 (2007). 

Eurocode has an obvious improvement from EN1993-1-6 (2007) to EN1993-1-6 (2017) 

in terms of both the mean value of FFE/Fks and the coefficient of variation (COV).  

 

Compared with DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017) have larger COV 

of FFE/Fks. This is because that, according to Figure 5.13, EN1993-1-6, whether 2007 

version or 2017 version, has an overestimated prediction on thin and stocky cylindrical 

shell especially on the short cylinder with r/t = 500 and 1000. Note that NFE and MFE are 

the resistance of the axial load and bending moment in FE modelling, and Nks and Mks are 

the predicted characteristic buckling resistance of the axial load and bending moment, 

respectively based on the corresponding guidelines. The maximum value of NFE/Nks or 

MFE/Mks are 4.05 and 6.32 for EN1993-1-6 (2007) and EN1993-1-6 (2017) respectively. 

Except for thin and stocky cylindrical shell, the buckling strength of other cylindrical 

shells can be accurately predicted by using EN1993-1-6 (2017).  

 

Figure 5.14 compares the ratio of FFE/Fksd against 1 in order to obtain an initial 

understanding of whether all cases meet the target reliability level by using the currently 

recommended partial safety factors in the design codes. Note that FFE is the load capacity 

obtained from FEA, and Fksd is the design strength calculated based on DNVGL and 

Eurocode design methods.  
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If FFE/Fksd > 1, it means that the design code provides a safe prediction for the structural 

design. The mean value of FFE/Fksd is 1.64 based on DNVGL, which is larger than 

EN1993-1-6 (2017) result 1.17 and EN1993-1-6 (2007) result 1.63. DNVGL provides the 

safe results for all 237 cases. However, 1.13% and 26.04% of code-based predictions 

based on EN1993-1-6 (2007) and EN1993-1-6 (2017) do not meet the safety requirement 

provided by FE modelling. Above design methods have not provided an accurate 

prediction on the cylinders with large r/t (500 and 1000), although the ratio of r/t of most 

offshore structures is less than 200. A comparison of the ultimate strength of unstiffened 

cylindrical shells predicted by DNVGL and EN1993-1-6 (2007) was also provided by Li 

and Kim (2022). This scholar found that DNVGL gave a more conservative design 

buckling strength than EN1993-1-6 (2007) for the cylindrical shells with r/t = 50, 100, 

200 under pure compression, which is in good agreement with the present result. 

 

All in all, based on the FEM study, EN1993-1-6 (2017) provides a more accurate 

characteristic buckling capacity compared with the others. Furthermore, DNVGL 

provides a more reliable and safer design buckling capacity prediction. The partial safety 

factor γM needs to be improved in some cases in order to meet the target reliability level 

especially for Eurocode. All of above code-based approaches need to be improved on the 

buckling strength prediction for thin and stocky cylindrical shells. Of course, the ultimate 

load capacity FFE is largely influenced by the imperfection amplitude, and DNVGL has 

adopted a more conservative imperfection amplitude than Eurocode. Therefore, the 

imperfection amplitude needs to be better understood based on the statistical analysis of 

real measurements.  
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(c) 

Figure 5.12 Buckling capacity of FEA results versus characteristic buckling capacity of (a) DNVGL 

(b) EN1993-1-6 (2007) (c) EN1993-1-6 (2017) subjected to eccentric compression (red and green 

data point obtained from Group A and B) 
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(c) r/t = 1000 

Figure 5.13 Comparison of M-N curve under different design guideline (DG-DNVGL, EC07- 

EN1993-1-6 (2007), EC17- EN1993-1-6 (2017), S-Short cylinder, M-Medium cylinder, L-Long 

cylinder) 
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(b) 

 

 

(c) 

Figure 5.14 Value of FFE/Fksd based on (a) DNVGL (b) EN1993-1-6 (2007) (c) EN1993-1-6 (2017) 
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5.4.4 Failure modes of cylindrical shells 

In the previous sections, the ultimate load capacities considering the effects of 

imperfection profiles and magnitudes are studied. In this section, the reasons that cause 

the above effects are investigated by studying the failure modes of each case. The models 

of L/r = 5.4 and r/t = 100 with different imperfection profiles and amplitudes (series 1 

and 2 shown in Table 5.3) under pure axial compression are adopted in this section.  

 

As can be seen in Figure 5.15, the models with Imperfections b and d and small 

imperfection amplitude experience bulge column buckling. Conversely, the failure modes 

of the models with Imperfections a and c are dominated by local shell buckling. Shell 

buckling occurs on the initial dimples, which takes less energy to deform. This explains 

why the buckling strength of the models with Imperfection b and d are larger than that of 

the models with Imperfections a and c.  

 

With the larger imperfection amplitude of models presented in Figure 5.16, the dominated 

buckling mode of the model with Imperfection d is changed from column bulge buckling 

to shell buckling, and the axial compression capacity is reduced by 11.9% according to 

Figure 5.17. The shell buckling of the model with Imperfections a and c becomes more 

obvious with increased imperfection magnitude, which results in a lower buckling 

strength with 27.5% and 6.4% reduction of the axial compression capacity. The buckling 

mode of the model with Imperfection b does not change, therefore the compression 

capacity has not been influenced.  
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(a) Imperfection a                                 (b) Imperfection b 

  

(c) Imperfection c                                 (d) Imperfection d  

Figure 5.15 Failure modes of Series 1 (deformation is amplified by 50 times) 
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(a) Imperfection a                                 (b) Imperfection b 

 

  

(c) Imperfection c                                 (d) Imperfection d  

Figure 5.16 Failure modes of Series 2 (deformation is amplified by 50 times) 
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Figure 5.17 Load-displacement curve for unstiffened shell with different imperfection amplitude 

 

Strain-displacement curves of the most critical node when the stiffened shell buckles for 

L/r = 5.4 and r/t = 100 (Series 1 & 2) with different imperfection profiles are demonstrated 

in Figure 5.18. X- and y- axes are within the cross-section, and z- axis is the longitudinal 

axis (shown in Figure 5.4). Before buckling, the strain along z axis plays the most 

important role, which is in good agreement with what was reported by Jin et al. (2021). 

If the structures fail by bulge buckling (Figure 5.15 (b) and (d), Figure 5.16 (b)), the stain 

along x axis is almost equal to that along y axis on the pre-buckling, and they are about 

one third of the strain along z axis.  

 

When the structures experience sudden buckling (Figure 5.17 Series 1 & 2 with 

Imperfection a, Series 2 with Imperfection d), the strain along z axis increases sharply. 

Conversely, the strain along y axis (tangential direction) decreases significantly.  

 

Figure 5.16 (c) has the largest horizontal deformation among all cases as presented in 

Figure 5.15 and Figure 5.16. According to Figure 5.18 (c), the strain along y- axis 

increases significantly after the buckling and even approach the z axis strain. It means 

that the horizontal strains are greatly influenced by the horizontal deformation. 
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(a) Imperfection a 
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(c) Imperfection c 

 

 

(d) Imperfection d 

Figure 5.18 Strain-displacement curve for unstiffened shell L/r = 5.4 and r/t = 100 with different 

imperfection profiles and amplitudes (Series 1 & 2) 
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5.5 Reliability analysis 

According to Section 5.4.3, it was concluded that DNVGL provides a safe prediction of 

design buckling capacity of shell structures, although some cases are overestimated, 

which may lead to overdesign. Conversely, 1.13% and 26.42% of code-based predictions 

based on EN1993-1-6 (2007) and EN1993-1-6 (2017) do not meet the safety requirement 

provided by FE modelling. Therefore, the reliability of these three codes is assessed based 

on EN1990 (2005) to provide a suitable partial safety factor γM for the structural design 

of offshore shell structures.  

 

The basic limit state function Z is written as: 

𝑍 = 𝐾𝑅𝑅 − 𝐾𝑆(𝐺 + 𝑄 + 𝑊𝐴 + 𝑊𝐼)   (5.7) 

where KR is the model uncertainty of the resistance effect R, KS is the model uncertainty 

of (G+Q+WA+WI), G+Q+WA+WI are the dead load, live load, wave load and wind load, 

respectively. In order to have a clearer derivation of the following formulas, the function 

Z is defined using an alternative definition: 

𝑍 =
𝐾𝑅𝑅

𝐾𝑆
− (𝐺 + 𝑄 + 𝑊𝐴 + 𝑊𝐼)   (5.8) 

 

The function of failure probability can be expressed as: 

𝑃𝑓 = 𝑃(𝑍 < 0) = Φ(𝛽)  (5.9) 

where β is the reliability index and Φ  is the cumulative distribution function of the 

standardised Normal distribution. According to DNVGL-ST-0119 (2018), the target 

safety level for structural design of floating wind turbine structures is a nominal annual 

probability of failure of 10-4. Therefore, Pf =10-4 = Φ(𝛽1) and β1 = 3.71 (Wang et al., 

2022). The target design life of 20 years (DNVGL-ST-0119, 2018) is used for a new 

floating wind turbine. Thus, the cumulative distribution function can be expressed as: 

Φ(𝛽20) = [Φ(𝛽1)]20  (5.10) 

where β20 is the reliability index for 20 years, β1 is the reliability index for one year. In 

this study, a reliability index of 2.87 is used to assess the partial safety factor γM. 

 

The first order reliability method (FORM) is used to perform the reliability analysis in 

this study. The statistical properties of design variables are presented in Table 5.7.  
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Table 5.7 Statistical properties of design variables 

Descriptio

n 

Variabl

e 

Distribution Mean COV Reference 

Dead load G Normal Gn 0.06 BOMEL (2003) 

Live load Q Normal Qn 0.1 BOMEL (2003) 

Wave load WA Normal 0.9WAn 0.2 JCSS (2021) 

Wind load WI Lognormal WIn 0.125 JCSS (2021) 

Resistance R Lognormal Rn - Fitted by author 

Uncertaint

y of R 

KR Lognormal - - Fitted by author 

Uncertaint

y of S 

KS Lognormal 1 0.1 JCSS (2021) 

Young’s 

modulus 

E Normal E 0.05 N W Nichols 

(2014) 

Material 

yield stress 

fy Lognormal 1.13 fy 0.0572 N W Nichols 

(2014) 

Thickness t Normal t 0.03 Yang et al. (2015) 

Length L Normal L 0.03 Yang et al. (2015) 

Radius r Normal r 0.03 Yang et al. (2015) 

 

If the resistance effect and the load effect follow lognormal distribution, the reliability 

index can be obtained as follows (Cheng and Becque, 2016, Coile, 2015): 

𝛽 =
𝜇ln 𝑅′−𝜇ln 𝑆

√𝜎ln 𝑅′
2 +𝜎ln 𝑆

2
=

ln(
𝜇𝑅′

𝜇𝑆
√

1+𝑉𝑆
2

1+𝑉𝑅′
2 )

√ln[(1+𝑉𝑅′
2 )+(1+𝑉𝑆

2)]

  (5.11) 

where 

𝑅′ =
𝐾𝑅𝑅

𝐾𝑆
  (5.12) 

𝑆 = 𝐺 + 𝑄 + 𝑊𝐴 + 𝑊𝐼  (5.13) 

μlnR', μlnS, σlnR' and σlnS are the mean values and the standard deviations of natural 

logarithms of the resistance R’ and the load S, and μR', μS, VR' and VS are the mean values 

and COVs of the resistance R’ and the load S, respectively. μR' and μS can be expressed 

as: 

𝜇𝑅′ =
𝜇𝐾𝑅𝜇𝑅

𝜇𝐾𝑆
=

𝜇𝐾𝑅𝑅𝑛

𝜇𝐾𝑆
  (5.14) 

𝜇𝑆 = 𝜇𝐺 + 𝜇𝑄 + 𝜇𝑊𝐴 + 𝜇𝑊𝐼 = 𝐺𝑛 + 𝑄𝑛 + 0.9𝑊𝐴𝑛 + 𝑊𝐼𝑛  (5.15) 

In terms of offshore structures, the environmental loads (wave and wind loads) may 

dominate the structural design. It is assumed that Gn/Qn = 1 (N W Nichols, 2014). 

Furthermore, a load ratio κ = WAn/Gn = WIn/Gn is adopted. Eq. (5.15) can be expressed as: 

𝜇𝑆 = 𝐺𝑛 (1 + 1 + 0.9𝜅 + 𝜅)  (5.16) 
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In addition, the structural design shall be verified as follows: 

𝑅𝑑 =
𝑅𝑛

𝛾𝑀
≥ 𝑅𝐸𝑑 = 𝐺𝑛 + 𝑄𝑛 + 1.35𝑊𝐴𝑛 + 1.35𝑊𝐼𝑛  (5.17) 

where Rd and REd are the design resistance and the design load effect, respectively. It 

should be noted that two load combinations (the other is 1.25Gn+1.25Qn+0.7WAn +0.7WIn) 

are adopted in structural design in Chapter 4. According to the load ratio, Gn+Qn+1.35WAn 

+1.35WIn is adopted to ensure the safety of the structure under the maximum expected 

load effect. In structural design, Rd = REd is assumed to make full use of the resistance. 

Therefore, Eq. (5.17) shall be transformed as: 

𝑅𝑛

𝛾𝑀
= 𝐺𝑛 + 𝑄𝑛 + 1.35𝑊𝐴𝑛 + 1.35𝑊𝐼𝑛  (5.18) 

or 

𝑅𝑛

𝐺𝑛
= 𝛾𝑀(1 + 1 + 1.35𝜅 + 1.35𝜅)  (5.19) 

Based on Eqs. (5.14) to (5.19), the following equation could be derived as: 

𝜇𝑅′

𝜇𝑆
=

𝜇𝐾𝑅𝛾𝑀(1+1+1.35𝜅+1.35𝜅)

𝜇𝐾𝑆(1+1+0.9𝜅+𝜅)
  (5.20) 

 

The COVs of S and R’ are presented as following: 

𝑉𝑆 =
𝜎𝑆

𝜇𝑆
=

√(𝑉𝐺𝜇𝐺)2+(𝑉𝑄𝜇𝑄)
2

+(𝑉𝑊𝐴𝜇𝑊𝐴)2+(𝑉𝑊𝐼𝜇𝑊𝐼)2

𝜇𝐺+𝜇𝑄+𝜇𝑊𝐴+𝜇𝑊𝐼
=

√𝑉𝐺
2+𝑉𝑄

2+𝑉𝑊𝐴
2 (0.9𝜅)2+𝑉𝑊𝐼

2 𝜅2

1+1+0.9𝜅+𝜅
  (5.21) 

𝑉𝑅′ = √𝑉𝐾𝑅
2 +𝑉𝑅

2+𝑉𝐾𝑆
2   (5.22) 

𝑉𝑅
2 =

1

𝑔𝑅
2 (𝑋)

× ∑ (
𝜕𝑔𝑅

𝜕𝑋𝑖
𝜎𝑖)

2

=
1

𝑔𝑅
2 (𝑋)

[(
𝜕𝑔𝑅

𝜕𝐸
𝜎𝐸)

2

+ (
𝜕𝑔𝑅

𝜕𝑓𝑦
𝜎𝑓𝑦

)
2

+ (
𝜕𝑔𝑅

𝜕𝑡
𝜎𝑡)

2

+
𝑗
𝑖=1

(
𝜕𝑔𝑅

𝜕𝐿
𝜎𝐿)

2

+ (
𝜕𝑔𝑅

𝜕𝑟
𝜎𝑟)

2

]  (5.23) 

where gR(X) is the resistance function (EN1990, 2005) of the basic variables X (shown in 

Table 5.7) and is used as the design model.  

 

Based on Eqs. (5.11), (5.20)-(5.22), the reliability index could be derived as: 

𝛽 =

ln{(
𝜇𝐾𝑅
𝜇𝐾𝑆

𝛾𝑀
𝑎

𝑏
)√(1+

𝑉𝐺
2 +𝑉𝑄

2 +𝑉𝑊𝐴
2 (0.9𝜅)2+𝑉𝑊𝐼

2 𝜅2

𝑏2 )/(1+𝑉𝐾𝑅
2 +𝑉𝑅

2+𝑉𝐾𝑆
2 )}

√𝑙𝑛[(1+𝑉𝐾𝑅
2 +𝑉𝑅

2+𝑉𝐾𝑆
2 )(1+

𝑉𝐺
2 +𝑉𝑄

2 +𝑉𝑊𝐴
2 (0.9𝜅)2+𝑉𝑊𝐼

2 𝜅2

𝑏2 )]

  (5.24) 

where 

𝑎 = 1 + 1 + 1.35𝜅 + 1.35𝜅  (5.25) 

𝑏 = 1 + 1 + 0.9𝜅 + 𝜅  (5.26) 
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The partial safety factor can be derived as: 

𝛾𝑀 =

𝑒𝑥𝑝{𝛽√𝑙𝑛[(1+𝑉𝐾𝑅
2 +𝑉𝑅

2+𝑉𝐾𝑆
2 )(1+

𝑉𝐺
2 +𝑉𝑄

2 +𝑉𝑊𝐴
2 (0.9𝜅)2+𝑉𝑊𝐼

2 𝜅2

𝑏2 )]}

𝜇𝐾𝑅
𝜇𝐾𝑆

𝑎

𝑏
√(1+

𝑉𝐺
2 +𝑉𝑄

2 +𝑉𝑊𝐴
2 (0.9𝜅)2+𝑉𝑊𝐼

2 𝜅2

𝑏2 )/(1+𝑉𝐾𝑅
2 +𝑉𝑅

2+𝑉𝐾𝑆
2 )

  (5.27) 

 

The process of calculation of the partial safety factor γM has been introduced. After that, 

γM is calculated based on the load ratio κ, the buckling capacity results of FE models and 

design codes and a target reliability index of 2.87. In Section 5.1, Class B of fabrication 

tolerance quality is adopted in FE models and code-based calculation, which is used to 

determine the imperfection amplitude. Thus, in this section, the partial safety factor γM is 

applicable for Class B of fabrication tolerance quality only. The results of γM are shown 

in Figure 5.19 in terms of the various κ ranging from 0.5 to 10 (N W Nichols, 2014) which 

are the typical ratio of environmental loads to dead load for offshore structures. Different 

geometries of the cylindrical shells have different FE models and code-based models. 

Hence, there are sixteen lines representing sixteen models. According to Figure 5.19, all 

values of γM reduce with the increasing of κ from 0.5 to 5 and remain relatively stable 

from 5 to 10. Due to the conservative prediction of the characteristic load capacity based 

on DNVGL and EN1993-1-6 (2007), the new γM for some geometries is lower than 1 

especially for r/t = 200, 500 and 1000. Conversely, in EN1993-1-6 (2017), the new γM is 

lower than 1 only when κ of the shell geometry with r/t=1000 and L/r=0.05 is larger than 

0.5, which benefits from the relatively accurate prediction of the characteristic buckling 

capacity.  

 

To ensure all design models meet the safety target under all load ratio, the maximum 

required value of the partial safety factor is adopted. A summary of reliability analysis 

results for this study is provided in Table 5.8. As DNVGL EN1993-1-6 (2007) provide a 

conservative prediction of characteristic load capacity of the shells with large r/t, the 

revised γM are smaller than the old ones. For EN1993-1-6 (2017), γM = 1.1 is mainly 

recommended for onshore structures. However, the environmental load conditions for 

offshore structures are more complicated and uncertain compared with onshore structures. 

Thus, the revised γM are larger than the original value 1.1 except for r/t=1000 with 

L/r=0.05. 
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(c) 

Figure 5.19 Partial safety factor-load ratio curves for (a) DNVGL (b) EN1993-1-6 (2007) (c) 

EN1993-1-6 (2017) 

 

Table 5.8 Summary of reliability analysis results (note that the values in parentheses represent the 

original partial safety factor) 

r/t L/r 

Partial safety factor γM 

DNVGL EN1993-1-6 (2007) EN1993-1-6 (2017) 

50 5.4 1.21 (1.19) 1.20 (1.1) 1.45 (1.1) 

50 9 1.21 (1.19) 1.20 (1.1) 1.43 (1.1) 

100 5.4 1.27 (1.36) 1.42 (1.1) 1.67 (1.1) 

100 9 1.24 (1.36) 1.27 (1.1) 1.45 (1.1) 

200 0.12 1.17 (1.42) 0.97 (1.1) 1.41 (1.1) 

200 3.54 1.00 (1.31) 1.24 (1.1) 1.54 (1.1) 

200 14.14 1.15 (1.31) 1.16 (1.1) 1.47 (1.1) 

500 0.08 1.00 (1.45) 0.50 (1.1) 1.54 (1.1) 

500 5.59 0.88 (1.45) 0.87 (1.1) 1.25 (1.1) 

500 22.36 1.17 (1.45) 0.88 (1.1) 1.31 (1.1) 

1000 0.05 0.91 (1.45) 0.30 (1.1) 1.01 (1.1) 

1000 7.91 0.73 (1.45) 1.06 (1.1) 1.67 (1.1) 

1000 31.62 0.81 (1.45) 0.93 (1.1) 1.67 (1.1) 

 

The revised partial safety factors are adopted to replace the old factors, and the values of 

FFE/Fksd based on DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017) are provided in 

Figure 5.20 to re-evaluate the safety of this design code. After using new partial safety 

factors, the maximum value of FFE/Fksd is 1.76 which is lower than the maximum value 
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of FFE/Fksd (2.80) using the old partial safety factors Figure 5.14 (a). On the premise of 

ensuring safety, the lower mean value of FFE/Fksd can save more structural materials. 

Moreover, according to Figure 5.20, EN1993-1-6 (2007) and EN1993-1-6 (2017) provide 

safe predictions for the structural design. However, the mean value and COV of FFE/Fksd 

of DNVGL and EN1993-1-6 (2007) are smaller than that of EN1993-1-6 (2017). The 

main reason is that based on EN1993-1-6 (2017), the strength prediction of the cylinder 

with large r/t (500 and 1000) values is still conservative when axial compression 

dominates design forces. 

 

Furthermore, some limitations should be noted here. Firstly, although a wide range of r/t 

is considered in this study, only three typical L/r are considered representing short, 

medium and long columns for L/r=200, 500 and 1000. Therefore, more geometries of 

cylinders need to be considered in future work. Secondly, Class B of fabrication tolerance 

quality is adopted only in this study. The other fabrication tolerance quality, Class A and 

C can be studied and compared further. Thirdly, more experiments can be carried out to 

obtain the more realistic data. 
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(b) 

 

(c) 

Figure 5.20 Value of FFE/Fksd based on (a) DNVGL (b) EN1993-1-6 (2007) (c) EN1993-1-6 (2017) 

using revised γM 

 

5.6  Case study of stiffened cylindrical shells 

The cylinder with L/r = 5.4 (length = 27 m, radius = 5 m), is adopted in the case study of 

the stiffened cylindrical shell. The structural scantlings of the stiffened cylindrical shell 
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are shown in Table 5.9. In this section, the buckling behaviour of the stiffened cylindrical 

shell under axial compression based on DNVGL-RP-C202 (2019) is studied. The design 

method is assessed by comparing the design solutions to FEA. The material properties, 

boundary condition and loading mode of the stiffened cylindrical shell are assumed to be 

the same as those used in unstiffened cylindrical shell described in the previous section. 

 

Table 5.9 Structural scantlings of the stiffened cylindrical shell (unit: mm) 

Shell thickness t  35 

Distance of ring frames l  1400 

Stringer web width hs  360 

Stringer web thickness tws  25 

Spacing of stringer s  1040 

Ring web width hr  360 

Ring web thickness twr  25 

 

5.6.1 Axial compression capacity 

Four types of geometric imperfection presented in section 5.2.2 are used as the initial 

imperfections. The axial compression capacity of the stiffened cylinder is compared with 

the unstiffened cylinder of series 1. The ratios of the ultimate eccentric load capacity 

obtained from FEA to the characteristic/design load capacity are presented in Figure 5.21 

and Table 5.10. The cylinders with Imperfection a and Imperfection c have the lowest 

axial compression capacity for stiffened shell and unstiffened shell, respectively. The 

value of FFE/Fks for the stiffened shell is 0.987 with a COV of 4.40%, while the 

unstiffened shell has a larger FFE/Fks and COV, with 1.075 and 8.27%, respectively. A 

larger partial safety factor causes a lower design strength capacity, so the value from 

FFE/Fks to FFE/Fksd increases sharply from 1.075 to 1.461. It is clear that in this study 

DNVGL is more conservative on the buckling strength and safety factor calculation of 

the unstiffened shell. Furthermore, the results of the strength capacity are more discrete 

for the unstiffened shell in terms of the larger COV. One reason is that the imperfection 

amplitude recommendation for unstiffened shells is larger than that for stiffened shells 
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(14.3 mm for the unstiffened shell and 6 mm for the stiffened shell). Normally, a larger 

imperfection amplitude leads to a larger strength reduction, which has been discussed in 

section 5.4.2. 

 

 

Figure 5.21 Comparison of FFE/Fks and FFE/Fksd between the stiffened and unstiffened shells 

 

Table 5.10 Comparison of standard deviation, mean and COV for Figure 5.21 

 
Stiffened shell Unstiffened shell 

FFE/Fks FFE/Fksd FFE/Fks FFE/Fksd 

Standard  

Deviation 
0.043 0.053 0.089 0.121 

Mean 0.987 1.203 1.075 1.461 

COV 4.40% 4.40% 8.27% 8.27% 

γM 1.219 1.359 
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5.6.2 Effect of imperfection amplitudes 

In this section, 6 mm and 12 mm are used to examine the effect of imperfection amplitude 

on buckling behaviour. The load-displacement curve due to compressive loading for the 

stiffened shell is provided in Figure 5.22. The structure with 6mm imperfection amplitude 

buckles early compared with the structure with 12mm imperfection amplitude, with the 

compressive load capacity of 412260 kN. If the imperfection amplitude increases from 

6mm to 12mm, the maximum compression capacity will reduce by 7.63% to 380820 kN.  

 

The relationship between strain and end displacement for the most critical node when the 

stiffened shell buckles is demonstrated in Figure 5.23. As can be seen, the vertical strain 

is much larger than the horizontal strain. It is worth mentioning that the normal strain 

along the x axis for the stiffened shell with 12mm imperfection amplitude has a sharp 

increase before buckling, however the strains along the other axes increase gradually. It 

can be concluded that the horizontal strain may have a great effect on the buckling 

behaviour of the stiffened shell, which has a larger imperfection amplitude.  

 

 

Figure 5.22 Load-displacement curve for stiffened shell with different imperfection amplitudes 
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Figure 5.23 Strain-displacement curve for stiffened shell with different imperfection amplitudes 

 

5.7 Conclusions 

In this chapter, a numerical investigation considering geometrical and material 

nonlinearity on the buckling behaviour of unstiffened and stiffened cylindrical shells 

subjected to axial compression and bending moment has been carried out. Apart from 

FEM, three code-based approaches, the DNVGL, EN1993-1-6 (2007) and EN1993-1-6 

(2017) codes, are used to evaluate the buckling strength of the shell. The accuracy and 

reliability of these design codes are assessed individually. The details of design process 

of unstiffened and stiffened cylindrical shells have been introduced in Chapter 4. Four 

imperfection profiles subjected to four perturbation loads are considered as initial 

imperfection in FEM. Finally, a case study of a stiffened cylinder is provided to study its 

buckling behaviour including the axial compression and the effect of imperfection 

amplitudes. Through this chapter the following conclusions can be drawn:  

 

The imperfection profile has a significant effect on the ultimate strength and failure modes 

of the unstiffened and stiffened cylinders. Among the four imperfection profiles, 

Imperfection b (subjected to lateral pressure) is the safest profile for both the unstiffened 
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and stiffened cylinders. Imperfections a (subjected to axial compression) and c (subjected 

to bending moment) are the most critical profiles which lead to the lowest buckling 

strength of both stiffened and unstiffened cylinders. Imperfection a is quite sensitive to 

geometric dimensions, while Imperfection b is less sensitive to geometric dimensions of 

the cylinder. Furthermore, increasing imperfection amplitude would reduce the buckling 

strength of the cylindrical shell.  

 

In terms of the design guidelines of shell structures, the calculation results of the 

characteristic buckling strength based on EN1993-1-6 (2017) agrees better with FEA 

result than DNVGL, despite the DNVGL has a more conservative imperfection amplitude. 

Due to a stricter setting of imperfection amplitude, DNVGL provides a more convergent 

result (a lower value of COV) of shell buckling strength. Moreover, owing to a more 

conservative consideration of partial safety factor, a larger safety factor recommended by 

DNVGL generates a safer result of the design buckling strength when compared with 

EN1993-1-6 (2017). Compared with EN1993-1-6 (2007), the accuracy and convergence 

characteristic buckling calculation of EN1993-1-6 (2017) are improved. The ultimate 

strength of the thin and stocky cylindrical shells needs to be better understood as all of 

above design standards could not provide accurate prediction. 

 

The failure modes of unstiffened cylindrical shell are significantly affected by 

imperfection profiles and amplitudes. Different amplitudes for the same geometric 

dimensions would lead to different buckling modes (e.g. from column buckling to local 

buckling). The vertical strain plays a leading role when the shell structures experience 

buckling. When a sudden buckling occurs, the vertical strain increases sharply, but the 

tangential strain decreases sharply. On the post-buckling of the unstiffened shell, the 

greater the horizontal deformation, the greater the increase of horizontal strain. 

 

According to the accuracy assessment of the design codes, DNVGL provides a safe 

design buckling capacity for every cylinder based on the FE modelling. However, some 

predictions of design buckling capacity are conservative. In addition, the predictions in 

some cases based on Eurocode cannot meet the safety requirement. Thus, a reliability 

analysis is performed for these three codes to improve the accuracy of the prediction of 
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the ultimate strength for cylindrical shells based on the first order reliability method. The 

new partial safety factor γM is provided for offshore structures (target design life of 20 

years). After using the revised partial safety factor, the design load capacity predicted by 

DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017) becomes more accurate and safer 

in terms of the studied cylindrical shells, although the strength prediction of the cylinder 

with large r/t using DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017) is still 

conservative. 

 

In the case study of stiffened cylindrical shell subjected to axial compression, DNVGL 

provides a relatively smaller safety factor and buckling strength than other design codes. 

An increase of imperfection amplitude decreases the maximum compression capacity of 

the stiffened cylinder, and the vertical strain plays a leading role when buckling occurs in 

a stiffened shell structure, which are in good agreement with the unstiffened shells. 
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CHAPTER 6 CONCLUSIONS AND FUTURE WORKS 

The aim of this thesis was to improve understanding of the nonlinear structural behaviour 

of a semi-submersible platform for FWTs, compare and evaluate the relevant design 

codes. Considering two main environmental impacts hydrodynamic & aerodynamic 

forces and structural nonlinearity, a novel one-way coupled fluid structure interaction 

simulation in ANSYS is developed to obtain the structural behaviour of the entire floating 

system including the structural components and the connections between components, in 

which the failure behaviour and effect of environmental loads on the platform have been 

studied. Besides global structure analysis of floating platform, as the main components 

of the floating system, the columns fabricated by steel cylindrical shell have been 

evaluated at structural design, buckling behaviour and ultimate strength level. 

Specifically speaking, the code-based design solutions of the external and internal 

columns based on the shell design guideline of DNVGL and EN1993-1-6 (2007) & (2017) 

are compared and discussed. A cost-effectiveness design of the stiffened shell is proposed. 

Then, the ultimate strength of steel cylindrical shells with a wide geometric range under 

axial compression and bending were estimated by using FEM and design standard 

prediction. The effect of different imperfections on buckling behaviour and ultimate 

strength and reliability evaluation of the design guideline have been performed.  

 

6.1 Summary of contributions 

The main contribution of this thesis is to improve the knowledge and understanding of 

the nonlinear structural performance of a floating platform for FWTs, and to evaluate the 

relevant design codes. Specifically speaking, the most notable contributions could be 

summarised as follows:  

 

• A novel one-way coupled fluid-structure interaction simulation including 

hydrodynamic and structural analysis has been developed and validated for 

structural performance study of FWTs. This analytical model considers the effects 

of wind, wave, mooring system, geometrical and material nonlinearity, which can 

also be adopted by other FWTs if they have similar design consideration. 
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• A series of nonlinear FE models with a wide geometric range have been carried 

out to study the buckling behaviour and ultimate strength of unstiffened and 

stiffened cylindrical shell under combined load effects. Different types of initial 

imperfections considering the realistic mechanical characteristics of marine 

structures have been adopted  

 

• A comparison of the prevailing shell design codes is proposed based on a practical 

load case for a semi-submersible platform for FWTs. 

 

• Assessment of the prevailing design guidelines of shell structure, DNVGL 

standard and Eurocode, has been conducted based on the comparison of the FEA 

results and the code-based prediction.  

 

• Based on a reliability analysis, the recommended modifications for shell design 

code DNVGL and EN1993-1-6 (2007) & (2017) are proposed to ensure its safety 

and to be more applicable for OWTs. 

 

6.2 Summary of findings 

The main findings are summarised as follows: 

 

Nonlinear structural analysis of floating wind platforms:  

• Both in the linear and nonlinear structural analysis of the floating platform, the 

maximum stress occurs on the connections of pontoons and internal columns on 

the upper level of the platform. 

 

• Compared with wave load, wind load has a larger effect on the structural 

behaviour especially for the tower base. The wave-wind misalignment has an 

adverse effect on the internal stress. 
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• After considering geometric and material nonlinearity in ultimate limit state, the 

stress in structure redistributes and the maximum stress is reduced, which 

maximize the strength of the material and reduce the material weight. 

 

Code-based cylindrical shell design comparison: 

• In an actual design case of offshore unstiffened cylindrical shell design in this 

study, DNVGL provide slightly more conservative prediction compared with 

EN1993-1-6 (2007) and EN1993-1-6 (2017) because of a larger partial safety 

factor of DNVGL. 

 

• The EN1993-1-6 (2017) adopts a new method called Reference Resistance Design 

for meridional buckling, which sufficiently considers the effect of imperfections, 

plasticity, slenderness of shell structures. However, the design of the offshore 

shell structure may be dominated by circumferential buckling. Therefore, the 

EN1993-1-6 (2007) and EN1993-1-6 (2017) may predict the same shell thickness 

to resist the external forces. 

 

• As for stiffened cylindrical shell, after considering the labour cost related to 

fabrication in optimization design, the total cost reduces sharply compared to the 

stiffened cylindrical shell neglecting the labour cost despite the weight of the 

structure itself increases significantly. The cost of the stiffened cylindrical shell is 

lower than the unstiffened cylindrical shell because of the lower cost of the steel. 

 

• Eurocode need to be improved for the stiffened shell of offshore structures 

especially in stiffener design. 

 

Ultimate strength of cylindrical shell under combined load effects: 

• The initial imperfections of unstiffened cylindrical shell subjected to the 

perturbation load of bending moment and axial compression cause a larger 

reduction of buckling strength. The larger imperfection amplitude, the smaller 

buckling strength of the cylindrical shell. 
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• Among the shell structure design guidelines of the DNVGL code, EN1993-1-6 

(2007) and EN1993-1-6 (2017), the characteristic buckling strength predicted by 

EN1993-1-6 (2017) are in best agreement with the FEA results. Because of a 

larger partial safety factor, the DNVGL code provides a safer prediction in the 

design buckling strength.  

 

• Using the new partial safety factor based on a reliability analysis, EN1993-1-6 

(2007) and EN1993-1-6 (2017) predict a safer ultimate strength of cylindrical 

shells, and DNVGL provides a more economical prediction in the design buckling 

strength. 

 

• Different imperfection profiles and amplitudes may cause different buckling 

modes and post-buckling behaviour. The vertical strain develops sharply before 

and after buckling of the structure. 

 

• As for the stiffened cylindrical shell, a more accurate and reliable value of 

buckling strength is provided by the DNVGL guideline compared with the 

unstiffened cylindrical shell.  

 

6.3 Future works 

According to the main findings and contributions summarized above, the primary 

objectives of this project have been achieved. Nevertheless, there are still some aspects 

over this study that need to be improved and further developed: 

 

• The study performed in this thesis is based on numerical methods. Physical testing 

is needed to validate and improve the understanding of the structural performance 

of FWTs. 

 

• The hydrodynamic calculation is relied on potential flow theory, which may not 

be accurate for extreme waves. A higher order approach for hydrodynamic 

analysis may be complemented in future with CFD or experimental modelling. 
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• The aerodynamic calculation is simplified in this thesis. A more accurate and 

realistic method of aerodynamic consideration is needed to enhance the structural 

analysis model of the FWT. 

 

• Equivalent static structural analysis is used in the nonlinear structural study of 

floating offshore wind platforms, which does not induce significant inertia and 

damping effects. In future work, a time-dependent (transient) analysis will be 

undertaken.  

 

• A case study of the stiffened cylindrical shell is provided in this thesis. More 

studies need to be conducted to improve the knowledge and understanding of the 

stiffened shell structure. 

 

• As another important structural performance, the fatigue behaviour of floating 

offshore structure is highly valued to research in the future works. 

 

• More design standards related to shell structures such as American Bureau of 

Shipping (ABS) and American Petroleum Institute (API) guideline need to be 

added and compared.  

 

• Design formula and partial safety factor need to be improved to enhance the safety 

and reliability of the mentioned design guideline in this thesis. 

 

• The effect of the single imperfection profile of the cylinder has been studied in 

Chapter 5, the combined imperfection will be carried out to have a more 

comprehensive understanding of the effect of imperfection on the cylindrical shell 

in future work. 
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APPENDIX A INTRODUCTION OF DESIGN CODES FOR SHELL 

STRUCTURE 

A.1 Unstiffened shell structure design 

The design processes of an unstiffened shell structure based on three design codes, the 

DNVGL, EN1993-1-6 (2007) and EN1993-1-6 (2017), are presented in this appendix. 

 

A.1.1 DNVGL-RP-C202 

The following equations from DNVGL-RP-C202 (DNVGL-RP-C202, 2019) were used 

to check the buckling strength of the structure design. The buckling modes of the 

unstiffened circular cylinders to be checked are: 1) shell buckling and 2) column buckling.  

 

To meet the stability requirement of a structure, the design load effect must not exceed 

the design buckling strength. The stability requirement subjected to axial force, bending 

moment, circumferential compression and shear is given by: 

𝜎𝑗,𝑆𝑑 ≤ 𝑓𝑘𝑠𝑑    (A.1) 

where σj,Sd is the design equivalent von Mises’ stress and fksd is the design buckling 

strength of the shell.  

 

The reduced buckling coefficient C related to the length, thickness and radius of shell can 

be used to consider geometrical and material imperfections. The reduced shell slenderness 

𝜆�̅� is the reduction factor for the characteristic buckling strength fks, it is also used to 

determine the partial safety factor γM. These important factors and the flowchart of shell 

buckling calculation are shown in Figure 7.1 (Ye et al., 2019). 
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Figure 7.1 Flowchart of shell buckling calculation according to DNVGL (Ye et al., 2019) 

 

Compared with the unstiffened curved panels, not only local buckling but also global 

buckling should be considered in unstiffened circular cylinders. The cylinders would be 

more unstable as the length increases so the maximum load effect, which the column can 

support, should be determined before it buckles. The column buckling strength should be 

assessed if 
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(
𝑘𝐿𝑐

𝑖𝑐
)

2

≥ 2.5
𝐸

𝑓𝑦
  (A.2) 

where k is the effective length factor, LC is the length of cylinder, 𝑖𝑐 = √𝐼𝑐/𝐴𝑐 is the 

radius of gyration of the cylinder section, IC is the moment of inertia of the complete 

cylinder section (about the weakest axis), and AC is the cross-sectional area of the 

complete cylinder section.  

 

Furthermore, the stability requirement for a shell-column due to combined load effects 

must be checked: 

𝜎𝑎0,𝑆𝑑

𝑓𝑘𝑐𝑑
+

1

𝑓𝑎𝑘𝑑
[(

𝜎𝑚1,𝑆𝑑

1−
𝜎𝑎0,𝑆𝑑

𝑓𝐸1

)

2

+ (
𝜎𝑚2,𝑆𝑑

1−
𝜎𝑎0,𝑆𝑑

𝑓𝐸2

)

2

]

0.5

≤ 1  (A.3) 

where σa0,Sd is the design axial compression stress, σm,Sd is the maximum design bending 

stress about the given axis, fakd is the design local buckling strength, fkcd is the design 

column buckling strength, and fE1 and fE2 are the Euler buckling strengths. 

 

A.1.2 EN1993-1-6 (2007) 

The following modes should be checked: 1) Meridional (axial) buckling, 2) 

Circumferential (hoop) buckling, 3) Shear buckling, 4) Meridional compression with 

coexistent internal pressure, 5) Combinations of meridional compression, circumferential 

compression and shear. Figure 7.2 shows the modes of meridional buckling, 

circumferential buckling and shear buckling. 

The length of the shell segment is characterised in terms of the dimensionless length 

parameter ω： 

ω =
𝑙

𝑟
√

𝑟

𝑡
=

𝑙

√𝑟𝑡
   (A.4) 

 

 

(a)                                               (b)                                              (c) 
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Figure 7.2 Buckling modes of (a) meridional buckling, (b) circumferential buckling, (c) Shear 

buckling obtained from FEA 

 

A.1.2.1 Meridional buckling 

Cylinders must be checked against meridional shell buckling if they satisfy: 

𝑟

𝑡
> 0.03

𝐸

𝑓𝑦𝑘
   (A.5) 

where fyk is the characteristic yield strength. The critical meridional buckling stress should 

be obtained from: 

𝜎𝑥𝑅𝑐 = 0.605𝐸𝐶𝑥
𝑡

𝑟
  (A.6) 

where Cx is the coefficient related to the length, thickness and radius of shell. The 

flowchart of meridional buckling calculation is shown in Figure 7.3. 

 

 

Figure 7.3 Flowchart of meridional buckling calculation according to EN1993-1-6 (2007) 
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A.1.2.2 Circumferential buckling 

Cylinders must be checked against circumferential shell buckling if they satisfy: 

𝑟

𝑡
> 0.21√

𝐸

𝑓𝑦𝑘
  (A.7) 

The elastic critical circumferential buckling stress σθ,Rcr depends on the types of cylinders. 

Compared with short-cylinders and medium-length cylinders, the evaluation of the 

critical buckling stress for long cylinders is different, as shown in Table A.1. The value 

of the factor Cθ depends on the boundary conditions at the two ends of the cylinder. The 

flowchart of the circumferential buckling calculation is shown in Figure 7.4. 

 

Table A.1 Elastic critical circumferential buckling stress 

Type of 

cylinders 
Criteria of length σθ,Rcr 

Short-length 
ω

𝐶𝜃

< 20 

0.92𝐸 (
𝐶𝜃

𝜔
) (

𝑡

𝑟
) 

Medium-

length 
20 ≤

ω

𝐶𝜃

≤ 1.63
𝑟

𝑡
 

Long-length 
ω

𝐶𝜃

> 1.63
𝑟

𝑡
 𝐸 (

𝑡

𝑟
)

2

[0.275 + 2.03 (
𝐶𝜃

𝜔

𝑟

𝑡
)

4

] 
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Figure 7.4 Flowchart of circumferential buckling calculation according to EN1993-1-6 (2007) 

 

A.1.2.3 Shear buckling 

Cylinders must be checked against shear shell buckling if they satisfy: 

𝑟

𝑡
> 0.16 (

𝐸

𝑓𝑦𝑘
)

0.67

  (A.8) 
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The elastic critical shear buckling stress should be obtained from: 

𝜏𝑥𝜃,𝑅𝑐𝑟 > 0.75𝐸𝐶𝜏√
1

𝜔
(

𝑡

𝑟
)  (A.9) 

where E is the Young’s modulus, ω is the dimensionless length parameter obtained from 

Eq. (A.4). The value of the factor Cτ may be found in Table A.2 for different types of 

cylinders. Cτ is a reduction factor for the elastic critical buckling stress induced by 

imperfection and slenderness of the cylindrical shell. According to different types of 

cylinders, the factor Cτ and the elastic critical shear buckling stress τxθ,Rcr can be calculated. 

The flowchart of the meridional buckling calculation is shown in Figure 7.5. 

 

Table A.2 Factor Cτ 

Type of 

cylinders 
Criteria of length Cτ 

Short-length 𝜔 < 10 √1 +
42

𝜔3
 

Medium-

length 
10 ≤ ω ≤ 8.7

𝑟

𝑡
 1.0 

Long-length ω > 8.7
𝑟

𝑡
 

1

3
√𝜔

𝑡

𝑟
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Figure 7.5 Flowchart of shear buckling calculation according to EN1993-1-6 (2007) 

 

A.1.2.4 Combinations of meridional compression, circumferential 

compression and shear 

Sometimes, the structure has to resist the combined effect of different forces. After 

checking the buckling strength due to meridional, circumferential compression and shear 
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individually, the buckling interaction due to these three load effects should be followed. 

The calculation process for the buckling interaction checking is shown in Figure 7.6. 

 

 

Figure 7.6 Flowchart for buckling interaction checking according to EN1993-1-6 (2007) 

 

A.1.3 EN1993-1-6 (2017) 

On the basis of the former version EN1993-1-6 (2007), the consideration of 

circumferential (hoop) buckling, shear buckling and combined effect of different forces 

have not been modified in EN1993-1-6 (2017). However, the calculation of meridional 

(axial) buckling has a major change. 
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Firstly, the values of the factor αx (meridional elastic buckling reduction factor), βx 

(plastic range factor) and ηx (interaction exponent) are changed in EN1993-1-6 (2017): 

𝛼𝑥 =
0.83

1+2.2(∆𝑤𝑘/𝑡)0.88
  (A.10) 

𝛽𝑥 = 1 −
0.95

1+1.2(∆𝑤𝑘/𝑡)
  (A.11) 

𝜂𝑥 =
5.4

1+4.6(∆𝑤𝑘/𝑡)
  (A.12) 

where ∆𝑤𝑘 is the characteristic imperfection amplitude given by: 

∆𝑤𝑘 =
1

𝑄
√𝑟𝑡  (A.13) 

It means that βx and ηx would change if the radius or thickness of the shell varies. However, 

in EN1993-1-6 (2007), βx and ηx are taken as 0.6 and 1 respectively. 

 

Secondly, a new method of Reference Resistance Design (RRD) is provided in EN1993-

1-6 (2017) to consider the design resistance of bending moment. The only hand 

calculation method used in EN1993-1-6 (2007) is called “Stress Design”, which is limited 

to be a purely elastic analysis. The cylindrical shell would occur a large plastic 

deformation under global bending. Therefore, the plastic behaviour of shell should be 

taken into account. In order to have a more realistic prediction of the buckling resistance, 

RRD is provided. RRD combines two reference values of linear elastic bifurcation 

analysis (LBA) and materially nonlinear small displacement theory analysis (MNA) and 

also consider the effect of imperfections, plasticity and slenderness of shell structures 

(Rotter, 2016). 

 

A.2 Stiffened shell structure design 

The design processes of stiffened shell structure based on three design codes, the DNVGL, 

EN1993-1-6 (2007) and EN1993-1-6 (2017), are presented as follows. 

 

A.2.1 DNVGL-RP-C202 

In DNVGL, the cylindrical shell may be stiffened by using longitudinal stiffeners and/or 

circumferential rings (Figure 7.7). For stiffened cylindrical shells the following buckling 

modes shown in Figure 7.8 should be checked: a) shell buckling (unstiffened curved 

panels), b) panel stiffener buckling, c) panel ring buckling, d) general buckling, e) column 

buckling. In this case, the panel ring stiffeners are used to strengthen the panel in the 
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circumferential direction. After ensuring the safety of the ring buckling strength, the 

check of general buckling can be avoided. Shell buckling and column buckling have been 

explained in A.1.1, and the others are described in the following section. 

 

 

Figure 7.7 Stiffened cylindrical shell (DNVGL-RP-C202, 2019) 

 

     

                 (a)                           (b)                         (c)                         (d)                 (e) 

Figure 7.8 Buckling modes of (a) shell buckling, b) panel stiffener buckling, c) panel ring buckling, 

d) general buckling, e) column buckling (DNVGL-RP-C202, 2019) 

 

A.2.1.1 Panel stiffener buckling 

The panel stiffener is assumed to bear the longitudinal force subjected to axial force and 

bending moment (bending moment can be consisted of a couple of axial compression and 

tension) with the shell panel, so it is permissible to replace the shell thickness by using 

the equivalent thickness. The checking procedure is similar to that of the unstiffened shell 

structure, but different coefficients are used because of the change in equivalent thickness. 
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Additionally, the geometric proportions requirement of web and flange should be checked 

to prevent the local buckling of stiffeners. The calculation procedure of panel stiffener 

buckling is provided in Figure 7.9. 

 

 

Figure 7.9 Flowchart of panel stiffener buckling calculation according to DNVGL 

 

A.2.1.2 Panel ring buckling 

On the basis of DNVGL-RP-C202, the panel ring stiffeners are assumed to bear the 

circumferential force subjected to lateral pressure. To avoid the panel ring buckling mode, 

the effective moment of inertia of the ring section should not be less than 𝐼𝑅 = 𝐼𝑥 + 𝐼𝑥ℎ +

𝐼ℎ (see Figure 7.10). Ix, Ixh, Ih represent the minimum requirement of the moment of inertia 

of ring frames subjected to axial compression with bending, shear and lateral pressure, 
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respectively. The calculation provided by the author in this study (Appendix B) has shown 

that Ih accounts for a large proportion (more than 90 %) in IR. This means that compared 

with the other loads, lateral pressure is more critical in structural design. 

 

 

Figure 7.10 Flowchart of panel ring buckling calculation according to DNVGL 

 

A.2.2 EN1993-1-6 (2007) & (2017) 

EN1993-1-6 (2007) and EN1993-1-6 (2017) consider three load cases for ring stiffeners 

on a cylindrical shell: 1) radial force on ring, 2) axial loading, and 3) uniform pressure on 

surface. The design of longitudinal stiffeners has not been provided in this standard. Apart 

from the buckling modes that have been introduced in Section A.1.2, the strength check 

of the ring needs to be provided. In EN1993-1-6 (2007) and EN1993-1-6 (2017), the 

plastic resistance of the ring due to circumferential pressure is recommended to check. 
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APPENDIX B SPREADSHEET FOR SHELL STRUCTURE DESIGN 

Spreadsheet lists: 

1. Unstiffened cylindrical shell design for external column (DNVGL) 

2. Unstiffened cylindrical shell design for internal column (DNVGL) 

3. Unstiffened cylindrical shell design for external column (EN1993-1-6 (2007)) 

4. Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2007)) 

5. Unstiffened cylindrical shell design for external column (EN1993-1-6 (2017)) 

6. Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2017)) 

7. Stiffened cylindrical shell design for external column (DNVGL) 

Case1: Mass minimization 

Case2: Cost minimization 

8. Stiffened cylindrical shell design for internal column (DNVGL) 

Case1: Mass minimization 

Case2: Cost minimization 

9. Stiffened cylindrical shell design for external column (EN1993-1-6 (2007)) 

10. Stiffened cylindrical shell design for internal column (EN1993-1-6 (2007)) 

11. Stiffened cylindrical shell design for external column (EN1993-1-6 (2017)) 

12. Stiffened cylindrical shell design for internal column (EN1993-1-6 (2017)) 

 

 



1 Unstiffened cylindrical shell design for external column (DNVGL)
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 27 m
Shell thickness t = 43 mm
Shell Radius r = 5 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
External column

F = 4354 kN
V = 1398 kN
M = 13664 kNm

a) Shell buckling
σa,Sd = NSd/(2πrt)

= 3.22307266 MPa
σm,Sd = M1,Sdsinθ/(πr

2t)-M2,Sdconθ/(πr
2t)

= 4.04594073 MPa

σx,Sd = σa,Sd+σm,Sd eq. 2.2.1
= 7.26901339 MPa

h = 9.8 m
Design lateral pressure pSd = 0.09604 MPa

σh,Sd = pSdr/t eq. 2.2.8
= 11.1674419 MPa

τSd = |τT,Sd+τQ,Sd| eq. 2.2.5

= TSd/(2πr
2t)+[-Q1,Sdsinθ/(πrt)+ eq. 2.2.6-7

Q2,Sdconθ/(πrt)]
= 2.06975452 MPa

= 10.451109 MPa eq. 3.2.3
Zl = eq. 3.4.3

= 3234.51943
C = eq. 3.4.2
Ca = 852.107316 axial Table 3-2

Cm = 963.796743 bending Table 3-2

Cτ = 220.348403

Ch = 35.5449608

eq. 3.4.1

fEa = 410.204177 MPa

fEm = 463.97143 MPa

fEτ = 106.075648

fEh = 17.1113323

eq. 3.2.2

= 23.3943547
= 4.83677111

γM = 1.45

= 15.1607568 MPa

Material factor

=

reduced shell slenderness

Characteristic buckling
strength of a shell

=

Reduced buckling
coefficient

Elastic buckling strength
for axial force & bending
moment

water level difference

 Membrane shear stress

Curvature parameter

fks

Based on DNVGL-RP-
C202

=fE

Axial force
Shear force

Bending moment

Circumferential
membrane stress

Stress due to axial force

Design longitudinal
membrane stress

Stress due to bending

=σj,Sdvon Mises' stress

𝜓 1 + (𝜌𝜉/𝜓)

𝑙 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

(𝜎 , + 𝜎 , ) − 𝜎 , + 𝜎 , 𝜎 , + 𝜎 , + 3𝜏

𝜆



1 Unstiffened cylindrical shell design for external column (DNVGL)
Designed by: Date:
Checked by: Reference

fksd = fks/γM eq. 3.1.2
= 10.4556943 MPa

σj,Sd = 10.451109 < fksd eq. 3.1.1 OK
b) Column buckling
Effective length factor k = 1

Total cylinder length Lc = 27 m

= 16.6694765 m4

Ac =

1.34507604 m2

ic =
= 3.52036394 m

= 58.8237086 eq. 3.8.1

The stability requirement for a shell-column
eq. 3.8.9

= 1.74895642
eq. 3.8.10

= -389.84376
eq. 3.8.11

= -72222.272

eq. 3.8.8

= 120.316053 Mpa
eq. 3.8.7

= 0.05843573
γM = 1.15

eq. 3.8.12

= 104.622655 Mpa
Characteristic column buckling strengthfkc = 120.201015 Mpa eq. 3.8.5 & 3.8.6

eq. 3.8.4

= 104.522622 Mpa
eq. 3.8.3

= 35234.3804 Mpa

= 0.06951141 < 1 eq. 3.8.2 OK

Reduced characteristic
buckling strength

Material factor

Design local buckling
strength

Design column buckling
strength

Reduced column
slenderness

fE1 =
Euler buckling strength

fkcd =

fak =

fakd =

=

Design buckling strength
of a shell

Moment of inertia of the
cylinder section

Cross sectional area of
cylinder section

Radius of gyration of
cylinder section

1478.87324<
No column buckling
checking

=Ic

a =

b =

c =

𝑘𝐿

𝑖

𝐼 /𝐴

𝜋 𝐷 − 𝑑

64

𝜋 𝑅 − 𝑟

2.5
𝐸

𝑓
=

1 +
𝑓

𝑓

2𝑓

𝑓 𝑓
− 1 𝜎 ,

𝜎 , +
𝑓 𝜎 ,

𝑓
− 𝑓

𝑏 + 𝑏 − 4𝑎𝑐

2𝑎

𝑓

𝛾

�̅�
𝑓

𝑓
=
𝑘𝐿

𝜋𝑖

𝑓

𝐸

𝜋 𝐸𝐼 ,

𝑘 𝐿 , 𝐴

𝑓

𝛾

𝜎 ,

𝑓
+

1

𝑓

𝜎 ,

1 −
𝜎 ,

𝑓



2 Unstiffened cylindrical shell design for internal column (DNVGL)
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 27 m
Shell thickness t = 33 mm
Shell Radius r = 3 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Internal column

F = 11180 kN
V = 1005 kN
M = 8867 kNm

a) Shell buckling
σa,Sd = NSd/(2πrt)

= 17.9732552 MPa
σm,Sd = M1,Sdsinθ/(πr

2t)-M2,Sdconθ/(πr
2t)

= 9.50321132 MPa

σx,Sd = σa,Sd+σm,Sd eq. 2.2.1
= 27.4764665 MPa

h = 9.8 m
Design lateral pressure pSd = 0.09604 MPa

σh,Sd = pSdr/t eq. 2.2.8
= 8.73090909 MPa

τSd = |τT,Sd+τQ,Sd| eq. 2.2.5

= TSd/(2πr
2t)+[-Q1,Sdsinθ/(πrt)+ eq. 2.2.6-7

Q2,Sdconθ/(πrt)]
= 3.23132763 MPa

= 24.9522522 MPa eq. 3.2.3
Zl = eq. 3.4.3

= 7024.46139
C = eq. 3.4.2
Ca = 1945.53585 axial Table 3-2

Cm = 2159.94621 bending Table 3-2

Cτ = 394.116535

Ch = 52.3369533

eq. 3.4.1

fEa = 551.614904 MPa

fEm = 612.406354 MPa

fEτ = 111.743278

fEh = 14.839019

eq. 3.2.2

= 9.46666545
= 3.07679467

γM = 1.45

= 37.2925177 MPa

reduced shell slenderness
=

Material factor

Characteristic buckling
strength of a shell

fks =

σj,Sd =

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength
for axial force & bending
moment

fE =

von Mises' stress

Stress due to bending

Design longitudinal
membrane stress

water level difference

Circumferential
membrane stress

 Membrane shear stress

Stress due to axial force

Based on DNVGL-RP-
C202

Axial force
Shear force

Bending moment

𝜓 1 + (𝜌𝜉/𝜓)

𝑙 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

(𝜎 , + 𝜎 , ) − 𝜎 , + 𝜎 , 𝜎 , + 𝜎 , + 3𝜏

𝜆



2 Unstiffened cylindrical shell design for internal column (DNVGL)
Designed by: Date:
Checked by: Reference

fksd = fks/γM eq. 3.1.2
= 25.7189777 MPa

σj,Sd = 24.9522522 < fksd eq. 3.1.1 OK
b) Column buckling
Effective length factor k = 1

Total cylinder length Lc = 27 m

= 2.7533107 m4

Ac =

0.61861415 m2

ic =
= 2.10968534 m

= 163.7918 eq. 3.8.1

The stability requirement for a shell-column
eq. 3.8.9

= 1.4141758
eq. 3.8.10

= -260.11596
eq. 3.8.11

= -82320.776

eq. 3.8.8

= 166.236313 Mpa
eq. 3.8.7

= 0.11461712
γM = 1.15

eq. 3.8.12

= 144.553315 Mpa
Characteristic column buckling strengthfkc = 165.624832 Mpa eq. 3.8.5 & 3.8.6

eq. 3.8.4

= 144.021593 Mpa
eq. 3.8.3

= 12653.9724 Mpa

= 0.19063098 < 1 eq. 3.8.2 OK

Euler buckling strength
fE1 =

Material factor

Design local buckling
strength

fakd =

Design column buckling
strength

fkcd =

Reduced column
slenderness

=

< 1478.87324
No column buckling
checking

a =

b =

c =

Reduced characteristic
buckling strength

fak =

Radius of gyration of
cylinder section

Design buckling strength
of a shell

Moment of inertia of the
cylinder section

Ic =

Cross sectional area of
cylinder section

𝑘𝐿

𝑖

𝐼 /𝐴

𝜋 𝐷 − 𝑑

64

𝜋 𝑅 − 𝑟

2.5
𝐸

𝑓
=

1 +
𝑓

𝑓

2𝑓

𝑓 𝑓
− 1 𝜎 ,

𝜎 , +
𝑓 𝜎 ,

𝑓
− 𝑓

𝑏 + 𝑏 − 4𝑎𝑐

2𝑎

𝑓

𝛾

�̅�
𝑓

𝑓
=
𝑘𝐿

𝜋𝑖

𝑓

𝐸

𝜋 𝐸𝐼 ,

𝑘 𝐿 , 𝐴

𝑓

𝛾

𝜎 ,

𝑓
+

1

𝑓

𝜎 ,

1 −
𝜎 ,

𝑓



3 Unstiffened cylindrical shell design for external column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 27 m
Shell thickness t = 37 mm
Shell Radius r = 5 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
External column

F = 4354 kN
V = 1398 kN
M = 13664 kNm

a) Critical meridional (axial) buckling
eq. D.1

0.5r/t
= 62.7737249 67.567568 medium cylinder

Factor Cx = 1 eq. D.3-D.10
σx,Rcr = 0.605ECxt/r eq. D.2

= 940.17 MPa
eq. D.15

= 0.01720465 m

eq. D.14

= 0.37941538

r/t = 135.135135
> 0.03E/fyk= 17.746479

eq. 8.17

= 0.61448457
= 0.2 eq. D.16

Plastic range factor β = 0.6 eq. D.16
Interaction exponent η = 1 eq. D.16

eq. 8.16

= 0.97392939
eq. 8.13-8.15

eq. 8.13-8.15

= 0.67866482
kx = 1.25+0.75χx eq. D.46

= 1.75899861
σx,Rk = χ xf yk ch. 8.5.2

= 240.92601 MPa
γM1 = 1.1 ch. 8.5.2

σx,Rd = σx,Rk/γM1 eq. 8.11
= 219.023646 MPa

= 3.74573309 MPa

eq. D.18 Meridional shell
buckling checking

=

Meridional characteristic
buckling stress

Partical factor
Meridional design
buckling stress
Design value of the
meridional stress due to
axial force
Design value of the σxE,M =

σxE,A

=ωLength parameter

Elastic critical meridional
buckling stress

=Δwk

=αx

Characteristic
imperfection amplitude

Meridional elastic
imperfection reduction
factor

Based on EN 1993-1-6

Axial force
Shear force
Bending moment

Buckling interaction
parameter

Meridional shell
slenderness parameters

=

Meridional squash limit
slenderness

Meridional plastic limit
relative slenderness

=

∈

χx =
Buckling reduction factor

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1

Q

𝑟

𝑡
𝑡

0.62

1 + 1.91(∆𝑤 /𝑡) .

𝐹

2𝜋𝑟𝑡

𝑀

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 − 𝛽)

�̅�

1 − 𝛽
�̅� − �̅�

�̅� − �̅�

�̅� , �̅�



3 Unstiffened cylindrical shell design for external column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

= 4.70203923 MPa
σx,Ed = σxE,A+σxE,M

= 8.44777232 MPa
< σx,Rd= 219.023646 MPa OK

b) Critical circumferential (hoop) buckling due to hoop compression

eq. D.1

= 62.7737249
Buckling factors  Cθ = 1

ω/Cθ < 1.63r/t = 220.27027 medium cylinder
eq. D.25

= 22.7751341 MPa
αθ= 0.65 Table D.5

r/t = 135.135135
> 0.21(E/fyk)

0.5= 5.1075752
eq. 8.17

= 3.94805965
= 0.4 eq. D.26

Plastic range factor β = 0.6 eq. D.26
Interaction exponent η = 1 eq. D.26

eq. 8.16

= 0.63737744

eq. 8.13-8.15

eq. 8.13-8.15

= 0.04170095

kθ = 1.25+0.75χθ eq. D.47
= 1.28127571

σθ,Rk = χ θf yk ch. 8.5.2

= 14.8038371 MPa

γM1 = 1.1 ch. 8.5.2

σθ,Rd = σθ,Rk/γM1 eq. 8.11

= 13.4580338 MPa

External water pressure qeq = 166.6 kPa bottom of column

Internal water pressure qs = 70.56 kPa

σθ,Ed = (qeq+qs)(r/t) eq. D.30

= 12.9783784 MPa

< σθ,Rd= 13.4580338 MPa OK

Circumferential chara-
cteristic buckling stress

Elastic critical
circumferential buckling
stress

Design value of the
meridional stress due to
bending

σxE,M =

Design value of
meridional stress

eq. D.27 Circumferential
shell buckling checking

Circumferential elastic
imperfection reduction factor

=σθ,Rcr

Circumferential plastic
limit relative slenderness

Length parameter ω =

Circumferential shell
slenderness parameters

∈

Buckling reduction factor
χθ =

=

=

Circumferential squash
limit slenderness

Buckling interaction
parameter

Circumferential design
buckling stress

Partical factor

Circumferential design
stress

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

𝑀

𝜋𝑟 𝑡

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

0.92𝐸
𝐶

𝜔

𝑡

𝑟



3 Unstiffened cylindrical shell design for external column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

c) Critical shear buckling ch. D.1.4

eq. D.31

= 62.7737249 > 10 eq. D.33
< 8.7r/t = 1175.6757 medium-length cylinder

Factor Cτ = 1 eq. D.34
eq. D.32

= 147.103609 MPa
ατ= 0.65 Table D.6

r/t = 135.135135
> 0.16(E/fyk)

0.67= 11.517386
eq. 8.17

= 1.18038097
= 0.4 eq. D.39

Plastic range factor β = 0.6 eq. D.39
Interaction exponent η = 1 eq. D.39

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.46651859

kτ = 1.75+0.25χτ eq. D.48
= 1.86662965

τxθ,Rk = ch. 8.5.2
= 95.6173459 MPa

γM1 = 1.1 ch. 8.5.2

τxθ,Rd = τxθ,Rk/γM1 eq. 8.11
= 86.9248599 MPa

τxθ,Ed = Q/(πrt)
= 2.40539038 MPa
< τxθ,Rd= 86.9248599 MPa OK

ch. D.1.6

ki = (χxχθ)
2

eq. D.49
= 0.00080094

Interaction check eq. 8.19

= 0.95903095 OK

d) Combinations of meridional (axial) compression, circumferential
(hoop) compression and shear

Design value of shear
stress

=

eq. D.40 Shear shell
buckling checking

Shear elastic imperfection
reduction factor

Elastic critical shear
buckling stress

Shell slenderness
parameters of shear

=

Length parameter ω =

τxθ,Rcr

Buckling interaction
parameter

Shear squash limit
slenderness

Shear plastic limit relative
slenderness

=

∈

Buckling reduction factor
χτ =

Shear design buckling
resistance stress

Partical factor

Shear characteristic
buckling stress

Buckling interaction
parameter

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

0.75𝐸𝐶
1

𝜔

𝑡

𝑟

�̅� (𝑓 / 3)/𝜏 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜎 ,

𝜎 ,
− 𝑘

𝜎 ,

𝜎 ,

𝜎 ,

𝜎 ,
+

𝜎 ,

𝜎 ,
+

𝜏 ,

𝜏 ,

𝜒 𝑓 / 3



4 Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 27 m
Shell thickness t = 28 mm
Shell Radius r = 3 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Internal column

F = 11180 kN
V = 1005 kN
M = 8867 kNm

a) Critical meridional (axial) buckling
eq. D.1

0.5r/t
= 93.1588505 53.57143 long cylinder

Factor Cx = 0.73834692 eq. D.3-D.10
σx,Rcr = 0.605ECxt/r eq. D.2

= 875.531778 MPa
eq. D.15

= 0.0115931 m

eq. D.14

= 0.40351333

r/t = 107.142857
> 0.03E/fyk= 17.74648

eq. 8.17

= 0.63676359
= 0.23458673 eq. D.16

Plastic range factor β = 0.6 eq. D.16
Interaction exponent η = 1 eq. D.16

eq. 8.16

= 1.00438206
eq. 8.13-8.15

eq. 8.13-8.15

= 0.68653212
kx = 1.25+0.75χx eq. D.46

= 1.76489909
σx,Rk = χ xf yk ch. 8.5.2

= 243.718901 MPa
γM1 = 1.1 ch. 8.5.2

σx,Rd = σx,Rk/γM1 eq. 8.11
= 221.562637 MPa

= 21.182765 MPa

Based on EN 1993-1-6

Axial force
Shear force
Bending moment

Length parameter ω =

Elastic critical meridional
buckling stress

Characteristic
imperfection amplitude

Δwk =

Meridional elastic
imperfection reduction
factor

αx =

eq. D.18 Meridional shell
buckling checking

Meridional shell
slenderness parameters

=

Meridional squash limit
slenderness

Meridional plastic limit
relative slenderness

=

∈

Buckling reduction factor
χx =

Buckling interaction
parameter
Meridional characteristic
buckling stress

Partical factor
Meridional design
buckling stress
Design value of the
meridional stress due to
axial force

σxE,A =

Design value of the σxE,M =

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1

Q

𝑟

𝑡
𝑡

0.62

1 + 1.91(∆𝑤 /𝑡) .

𝐹

2𝜋𝑟𝑡

𝑀

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 − 𝛽)

�̅�

1 − 𝛽
�̅� − �̅�

�̅� − �̅�

�̅� , �̅�



4 Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

= 11.2002133 MPa
σx,Ed = σxE,A+σxE,M

= 32.3829784 MPa
< σx,Rd= 221.562637 MPa OK

b) Critical circumferential (hoop) buckling due to hoop compression

eq. D.1

= 93.1588505
Buckling factors  Cθ = 1

ω/Cθ < 1.63r/t = 174.6429 medium cylinder
eq. D.25

= 19.3561856 MPa
αθ= 0.65 Table D.5

r/t = 107.142857
> 0.21(E/fyk)

0.5= 5.107575
eq. 8.17

= 4.2825682
= 0.4 eq. D.26

Plastic range factor β = 0.6 eq. D.26
Interaction exponent η = 1 eq. D.26

eq. 8.16

= 0.63737744

eq. 8.13-8.15

eq. 8.13-8.15

= 0.0354409

kθ = 1.25+0.75χθ eq. D.47
= 1.27658068

σθ,Rk = χ θf yk ch. 8.5.2

= 12.5815206 MPa

γM1 = 1.1 ch. 8.5.2

σθ,Rd = σθ,Rk/γM1 eq. 8.11

= 11.437746 MPa

External water pressure qeq = 166.6 kPa bottom of column

Internal water pressure qs = 70.56 kPa

σθ,Ed = (qeq+qs)(r/t) eq. D.30

= 10.29 MPa

< σθ,Rd= 11.437746 MPa OK

Circumferential elastic
imperfection reduction factor

Length parameter ω =

Elastic critical
circumferential buckling
stress

σθ,Rcr =

Design value of the
meridional stress due to
bending

σxE,M =

Design value of
meridional stress

eq. D.27 Circumferential
shell buckling checking

Circumferential squash
limit slenderness

Circumferential plastic
limit relative slenderness

=

∈

Circumferential shell
slenderness parameters

=

Buckling reduction factor
χθ =

Buckling interaction
parameter

Circumferential chara-
cteristic buckling stress

Partical factor

Circumferential design
buckling stress

Circumferential design
stress

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

𝑀

𝜋𝑟 𝑡

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

0.92𝐸
𝐶

𝜔

𝑡

𝑟



4 Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

c) Critical shear buckling ch. D.1.4

eq. D.31

= 93.1588505 > 10 eq. D.33
< 8.7r/t = 932.1429 medium-length cylinder

Factor Cτ = 1 eq. D.34
eq. D.32

= 152.301883 MPa
ατ= 0.65 Table D.6

r/t = 107.142857
> 0.16(E/fyk)

0.67= 11.51739
eq. 8.17

= 1.16006207
= 0.4 eq. D.39

Plastic range factor β = 0.6 eq. D.39
Interaction exponent η = 1 eq. D.39

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.4830042

kτ = 1.75+0.25χτ eq. D.48
= 1.87075105

τxθ,Rk = ch. 8.5.2
= 98.9962243 MPa

γM1 = 1.1 ch. 8.5.2

τxθ,Rd = τxθ,Rk/γM1 eq. 8.11
= 89.9965675 MPa

τxθ,Ed = Q/(πrt)
= 3.80835042 MPa
< τxθ,Rd= 89.9965675 MPa OK

ch. D.1.6

ki = (χxχθ)
2

eq. D.49
= 0.00059201

Interaction check eq. 8.19

= 0.90991154 OK

Shear elastic imperfection
reduction factor

Length parameter ω =

Elastic critical shear
buckling stress

τxθ,Rcr =

eq. D.40 Shear shell
buckling checking

Shell slenderness
parameters of shear

=

Shear squash limit
slenderness

Shear plastic limit relative
slenderness

=

∈

Buckling reduction factor
χτ =

Buckling interaction
parameter

Shear characteristic
buckling stress
Partical factor

Shear design buckling
resistance stress

Design value of shear
stress

d) Combinations of meridional (axial) compression, circumferential
(hoop) compression and shear
Buckling interaction
parameter

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

0.75𝐸𝐶
1

𝜔

𝑡

𝑟

�̅� (𝑓 / 3)/𝜏 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜎 ,

𝜎 ,
− 𝑘

𝜎 ,

𝜎 ,

𝜎 ,

𝜎 ,
+

𝜎 ,

𝜎 ,
+

𝜏 ,

𝜏 ,

𝜒 𝑓 / 3



5 Unstiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 27 m
Shell thickness t = 37 mm
Shell Radius r = 5 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
External column

F = 4354 kN
V = 1398 kN
M = 13664 kNm

a) Critical meridional (axial) buckling due to axial compression
eq. D.1

0.5r/t=
= 62.7737249 67.56757 medium cylinder

Factor Cx = 1 eq. D.3-D.10
σx,Rcr = 0.605ECxt/r eq. D.2

= 940.17 MPa
eq. D.15

= 0.01720465 m
α xG = 0.83 eq. D.14a

eq. D.14b

= 0.47137938
α x = α xG α xI

= 0.39124489
eq. D.14c

= 0.39023947
eq. D.14d

= 1.7203169
χ xh = 1 eq. D.14d

eq. 8.16

= 0.80102244
= 0.2 eq. D.16

eq. 8.17

= 0.61448457
∈ [λ0, λp]

χ x = 0.79407814 eq. 8.13-8.15

kx = 1.25+0.75χx eq. D.46
= 1.8455586

Characteri
stic

σx,Rk = χ xf yk eq. 8.12
= 281.897738

γM1 = 1.1 ch. 8.5.2
σx,Rd = σx,Rk/γM1 eq. 8.11

η x =

Hardening limit

Meridional shell
slenderness parameters

=

Based on BS EN 1993-1-6:
2007+A1: 2017

Axial force
Shear force
Bending moment

Buckling interaction
parameter

=ωLength parameter

Geometrical reduction
factor

=α xI

Elastic critical meridional
buckling stress

=ΔwkCharacteristic
imperfection amplitude

Imperfection reduction
factor

Meridional elastic
buckling reduction factor

=β xPlastic range factor

Plastic limit relative
slenderness

=

Squash limit relative
slenderness

Interaction exponent

Elastic-plastic buckling
reduction factor

Meridional design
buckling stress

Partical factor

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1

Q
rt

1

1 + 2.2(∆𝑤 /𝑡) .

1 −
0.95

1 + 1.2∆𝑤 /𝑡

5.4

1 + 4.6∆𝑤 /𝑡

𝜆
𝛼

1 − 𝛽

𝜆

�̅� 𝑓 /𝜎 ,

�̅�



5 Unstiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

= 256.270671 MPa
r/t = 135.135135

> 0.03E/fyk= 17.74648

= 3.74573309 MPa
< σx,Rd= 256.270671 MPa OK

b) Critical meridional (axial) buckling due to bending
M R,pl = 4r 2 tf y,k eq. E.2

= 1313500 kNm
eq. E.5

= 62.7737249

Factor eq. E.4

= 1.00101509
M R,cr = 1.9C m Ert 2 eq. E.3

= 2734704.38 kNm
M Ed = 13664 kNm

eq. E.13

= 96.1285129
eq. E.13

= 200.139372

eq. E.14

= 0.69304246

eq. E.6

= 0.46452556
Table E.1

0.5 ≤ Ω < 7

αG = 0.95546731 Table E.1

eq. E.8

= 17.2046505 mm
eq. E.7

= 0.47987173
α = αGαl eq. E.9

= 0.45850174
eq. E.10

= 0.63643726
eq. E.11

= 0.74299811

=

=C m

=
Reference plastic
resistance

Reference elastic critical
resistance

R cr =

First dimensionless length

η

<

eq. D.18 Meridional shell
buckling checking

=

=

ω

R pl

=β
Plastic range factor

=

Design value of the
meridional stress due to
axial force

σxE,A

Plastic reference moment

Elastic reference moment

ω

Elastic buckling reduction factor

=Ω
Second dimensionless
length

67.56757

Geometrical reduction factor

=

=αI
Imperfection reduction
factor

Slenderness

=

buckling stress

𝐹

2𝜋𝑟𝑡

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1 +
4

𝜔

𝑀 ,

𝑀

𝑀 ,

𝑀

�̅� 𝑅

𝑅
=

𝑀 ,

𝑀 ,

𝐿

𝑟

𝑡

𝑟
=
𝑡

𝑟
𝜔

0.5
𝑟

𝑡

1

𝑄
𝑟𝑡∆𝑤

1

1 + 2(∆𝑤 /𝑡) .

1 −
0.6

1 + 1.2(∆𝑤 /𝑡) .

0.65 + 0.2(
∆𝑤

𝑡
)



5 Unstiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

χ h = 1 eq. E.11

eq. 8.29

= 1.12300273
= 0.3 eq. E.12
∈ [λ0, λp] eq. 8.26-8.28

χ = 0.63247949 eq. 8.26-8.28

R k = χR pl eq. 8.30

= 60.7993125
R d = R k/γM1 eq. 8.31

= 55.2721022 > 1 OK

c) Critical circumferential (hoop) buckling due to hoop compression
eq. D.1

= 62.7737249
Buckling factors  Cθ = 1

ω/Cθ < 1.63r/t = 220.2703 medium cylinder

eq. D.25

= 22.7751341 MPa
αθ= 0.65 Table D.5

r/t = 135.135135
> 0.21(E/fyk)

0.5= 5.107575
eq. 8.17

= 3.94805965
= 0.4 eq. D.26

Plastic range factor β = 0.6 eq. D.26
Interaction exponent η = 1 eq. D.26

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.04170095
kθ = 1.25+0.75χθ eq. D.47

= 1.28127571
σθ,Rk = χ θf yk ch. 8.5.2

= 14.8038371 MPa
γM1 = 1.1 ch. 8.5.2

σθ,Rd = σθ,Rk/γM1 eq. 8.11
= 13.4580338 MPa

External water pressure qeq = 166.6 kPa bottom of column

Buckling interaction
parameter

Elastic-plastic buckling
reduction factor

Characteristic resistance

Design resistance

χθ =

Circumferential shell
slenderness parameters

Squash limit relative

=

Circumferential squash
limit slenderness

Circumferential plastic
limit relative slenderness

=

∈

Circumferential elastic
imperfection reduction factor

Plastic limit relative
slenderness

Elastic critical
circumferential buckling
stress

Circumferential design
buckling stress

eq. D.27 Circumferential
shell buckling checking

Length parameter ω =

=

Hardening limit

=σθ,Rcr

Circumferential chara-
cteristic buckling stress

Partical factor

Buckling reduction factor

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜆
𝛼

1 − 𝛽

�̅�

𝜆

0.92𝐸
𝐶

𝜔

𝑡

𝑟



5 Unstiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference
Internal water pressure qs = 70.56 kPa

σθ,Ed = (qeq+qs)(r/t) eq. D.30
= 12.9783784 MPa
< σθ,Rd= 13.4580338 MPa OK

d) Critical shear buckling ch. D.1.4
eq. D.31

= 62.7737249 > 10 eq. D.33
< 8.7r/t = 1175.676 medium cylinder

Factor Cτ = 1 eq. D.34

eq. D.32

= 147.103609 MPa
ατ= 0.65 Table D.6

r/t = 135.135135
> 0.16(E/fyk)

0.67= 11.51739
eq. 8.17

= 1.18038097
= 0.4 eq. D.39

Plastic range factor β = 0.6 eq. D.39
Interaction exponent η = 1 eq. D.39

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.46651859
kτ = 1.75+0.25χτ eq. D.48

= 1.86662965
τxθ,Rk = ch. 8.5.2

= 95.6173459 MPa
γM1 = 1.1 ch. 8.5.2

τxθ,Rd = τxθ,Rk/γM1 eq. 8.11
= 86.9248599 MPa

τxθ,Ed = Q/(πrt)
= 2.40539038 MPa
< τxθ,Rd= 86.9248599 MPa OK

ch. D.1.6

ki = (χxχθ)
2 eq. D.49

= 0.00109652
Interaction check eq. 8.19

Shell slenderness
parameters of shear

=

Buckling interaction
parameter

Circumferential design
stress

Length parameter ω

Buckling interaction
parameter

Shear squash limit
slenderness

Shear plastic limit relative
slenderness

=

∈

Buckling reduction factor
χτ =

e) Combinations of meridional (axial) compression, circumferential
(hoop) compression and shear

Partical factor

=

eq. D.40 Shear shell
buckling checking

Shear characteristic
buckling stress

Shear elastic imperfection
reduction factor

Elastic critical shear
buckling stress

=τxθ,Rcr

Design value of shear
stress

Shear design buckling
resistance stress

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

0.75𝐸𝐶
1

𝜔

𝑡

𝑟

�̅� (𝑓 / 3)/𝜏 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜎 ,
− 𝑘

𝜎 , 𝜎 ,
+

𝜎 ,
+

𝜏 ,

𝜒 𝑓 / 3



5 Unstiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

= 0.9575805 OK

𝜎 ,
− 𝑘

𝜎 , 𝜎 ,
+

𝜎 ,
+

𝜏 ,



6 Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 27 m
Shell thickness t = 28 mm
Shell Radius r = 3 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Internal column

F = 11180 kN
V = 1005 kN
M = 8867 kNm

a) Critical meridional (axial) buckling due to axial compression
eq. D.1

0.5r/t=
= 93.1588505 53.57143 long cylinder

Factor Cx = 0.73834692 eq. D.3-D.10
σx,Rcr = 0.605ECxt/r eq. D.2

= 875.531778 MPa
eq. D.15

= 0.0115931 m
α xG = 0.83 eq. D.14a

eq. D.14b

= 0.49688045
α x = α xG α xI

= 0.41241077
eq. D.14c

= 0.36533268
eq. D.14d

= 1.85913221
χ xh = 1 eq. D.14d

eq. 8.16

= 0.80610559
= 0.2 eq. D.16

eq. 8.17

= 0.63676359
∈ [λ0, λp]

χ x = 0.8013308 eq. 8.13-8.15

kx = 1.25+0.75χx eq. D.46
= 1.8509981

Characteri
stic

σx,Rk = χ xf yk eq. 8.12
= 284.472434

γM1 = 1.1 ch. 8.5.2
σx,Rd = σx,Rk/γM1 eq. 8.11

Elastic critical meridional
buckling stress

Characteristic
imperfection amplitude

Δwk =

Geometrical reduction
factor

Based on BS EN 1993-1-
6: 2007+A1: 2017

Axial force
Shear force
Bending moment

Length parameter ω =

Interaction exponent η x =

Hardening limit

Plastic limit relative
slenderness

=

Imperfection reduction
factor

α xI =

Meridional elastic
buckling reduction factor

Plastic range factor
β x =

Meridional design
buckling stress

Squash limit relative
slenderness

Meridional shell
slenderness parameters

=

Elastic-plastic buckling
reduction factor

Buckling interaction
parameter

Partical factor

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1

Q
rt

1

1 + 2.2(∆𝑤 /𝑡) .

1 −
0.95

1 + 1.2∆𝑤 /𝑡

5.4

1 + 4.6∆𝑤 /𝑡

𝜆
𝛼

1 − 𝛽

𝜆

�̅� 𝑓 /𝜎 ,

�̅�



6 Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

= 258.611304 MPa
r/t = 107.142857

> 0.03E/fyk= 17.74648

= 21.182765 MPa
< σx,Rd= 258.611304 MPa OK

b) Critical meridional (axial) buckling due to bending
M R,pl = 4r 2 tf y,k eq. E.2

= 357840 kNm
eq. E.5

= 93.1588505

Factor eq. E.4

= 1.00046091
M R,cr = 1.9C m Ert 2 eq. E.3

= 939147.375 kNm
M Ed = 8867 kNm

eq. E.13

= 40.3563776
eq. E.13

= 105.914895

eq. E.14

= 0.61727341

eq. E.6

= 0.8694826
Table E.1

0.5 ≤ Ω < 7

αG = 0.84164152 Table E.1

eq. E.8

= 11.5931014 mm
eq. E.7

= 0.50307203
α = αGαl eq. E.9

= 0.42340631
eq. E.10

= 0.62327464
eq. E.11

= 0.73280787

buckling stress

eq. D.18 Meridional shell
buckling checking

Design value of the
meridional stress due to
axial force

σxE,A =

Elastic reference moment

Reference plastic
resistance

R pl =

Reference elastic critical
resistance

R cr =

Plastic reference moment

First dimensionless length ω =

C m =

ω > = 53.57143

Geometrical reduction factor

=

Slenderness =

Second dimensionless
length Ω =

η =

Imperfection reduction
factor

αI =

Elastic buckling reduction factor

Plastic range factor
β =

𝐹

2𝜋𝑟𝑡

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1 +
4

𝜔

𝑀 ,

𝑀

𝑀 ,

𝑀

�̅� 𝑅

𝑅
=

𝑀 ,

𝑀 ,

𝐿

𝑟

𝑡

𝑟
=
𝑡

𝑟
𝜔

0.5
𝑟

𝑡

1

𝑄
𝑟𝑡∆𝑤

1

1 + 2(∆𝑤 /𝑡) .

1 −
0.6

1 + 1.2(∆𝑤 /𝑡) .

0.65 + 0.2(
∆𝑤

𝑡
)



6 Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

χ h = 1 eq. E.11

eq. 8.29

= 1.06014734
= 0.3 eq. E.12
∈ [λ0, λp] eq. 8.26-8.28

χ = 0.6714472 eq. 8.26-8.28

R k = χR pl eq. 8.30

= 27.0971768
R d = R k/γM1 eq. 8.31

= 24.6337971 > 1 OK

c) Critical circumferential (hoop) buckling due to hoop compression
eq. D.1

= 93.1588505
Buckling factors  Cθ = 1

ω/Cθ < 1.63r/t = 174.6429 medium cylinder

eq. D.25

= 19.3561856 MPa
αθ= 0.65 Table D.5

r/t = 107.142857
> 0.21(E/fyk)

0.5= 5.107575
eq. 8.17

= 4.2825682
= 0.4 eq. D.26

Plastic range factor β = 0.6 eq. D.26
Interaction exponent η = 1 eq. D.26

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.0354409
kθ = 1.25+0.75χθ eq. D.47

= 1.27658068
σθ,Rk = χ θf yk ch. 8.5.2

= 12.5815206 MPa
γM1 = 1.1 ch. 8.5.2

σθ,Rd = σθ,Rk/γM1 eq. 8.11
= 11.437746 MPa

External water pressure qeq = 166.6 kPa bottom of column

Hardening limit

Plastic limit relative
slenderness

=

Squash limit relative

Elastic critical
circumferential buckling
stress

σθ,Rcr =

Circumferential elastic
imperfection reduction factor

eq. D.27 Circumferential
shell buckling checking

Circumferential shell
slenderness parameters

=

Elastic-plastic buckling
reduction factor

Characteristic resistance

Design resistance

Length parameter ω =

Buckling interaction
parameter
Circumferential chara-
cteristic buckling stress

Partical factor
Circumferential design
buckling stress

Circumferential squash
limit slenderness

Circumferential plastic
limit relative slenderness

=

∈

Buckling reduction factor
χθ =

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜆
𝛼

1 − 𝛽

�̅�

𝜆

0.92𝐸
𝐶

𝜔

𝑡
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6 Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference
Internal water pressure qs = 70.56 kPa

σθ,Ed = (qeq+qs)(r/t) eq. D.30
= 10.29 MPa
< σθ,Rd= 11.437746 MPa OK

d) Critical shear buckling ch. D.1.4
eq. D.31

= 93.1588505 > 10 eq. D.33
< 8.7r/t = 932.1429 medium cylinder

Factor Cτ = 1 eq. D.34

eq. D.32

= 152.301883 MPa
ατ= 0.65 Table D.6

r/t = 107.142857
> 0.16(E/fyk)

0.67= 11.51739
eq. 8.17

= 1.16006207
= 0.4 eq. D.39

Plastic range factor β = 0.6 eq. D.39
Interaction exponent η = 1 eq. D.39

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.4830042
kτ = 1.75+0.25χτ eq. D.48

= 1.87075105
τxθ,Rk = ch. 8.5.2

= 98.9962243 MPa
γM1 = 1.1 ch. 8.5.2

τxθ,Rd = τxθ,Rk/γM1 eq. 8.11
= 89.9965675 MPa

τxθ,Ed = Q/(πrt)
= 3.80835042 MPa
< τxθ,Rd= 89.9965675 MPa OK

ch. D.1.6

ki = (χxχθ)
2 eq. D.49

= 0.00080655
Interaction check eq. 8.19

Circumferential design
stress

Length parameter

eq. D.40 Shear shell
buckling checking

Shell slenderness
parameters of shear

=

Shear squash limit
slenderness

Shear plastic limit relative
slenderness

=

ω =

Elastic critical shear
buckling stress

τxθ,Rcr =

Shear elastic imperfection
reduction factor

Partical factor

Shear design buckling
resistance stress

Design value of shear
stress

∈

Buckling reduction factor
χτ =

Buckling interaction
parameter

Shear characteristic
buckling stress

e) Combinations of meridional (axial) compression, circumferential
(hoop) compression and shear
Buckling interaction
parameter

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

0.75𝐸𝐶
1

𝜔

𝑡

𝑟

�̅� (𝑓 / 3)/𝜏 ,
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𝛼
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− 𝑘
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+
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6 Unstiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

= 0.89684699 OK

𝜎 ,
− 𝑘

𝜎 , 𝜎 ,
+

𝜎 ,
+

𝜏 ,



7 Stiffened cylindrical shell design for external column (DNVGL) case1
Designed by: Date:
Checked by: Reference
Design Information
Distance of ring frames l = 2.09776023 m

Shell thickness t = 2.85545301 mm
Stringer web width hs = 18.8145057 mm

Stringer web thickness tws = 0.57301181 mm

Stringer flange width bs = 9.63928598 mm

Stringer flange thickness tfs = 0.60939441 mm
Spacing of stringer s = 42.0678197 mm

te = t+A/s eq. 2.2.4
= 3.25136278 mm

Ring web width hr = 399.80321 mm

Ring web thickness twr = 12.1763476 mm

Ring flange width br = 12.1763476 mm

Ring flange thicknss tfr = 0 mm
Shell Radius r = 5 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Load comb. Case: 1.0G + 1.0Q+ 1.35E

F = 4354 kN
V = 1398 kN
M = 13664 kNm

a) Shell buckling
σa,Sd = NSd/(2πrt) eq. 2.2.2

= 42.6258569 MPa
σm,Sd = M1,Sdsinθ/(πr

2t)-M2,Sdconθ/(πr
2t) eq. 2.2.3

= 53.5084711 MPa

σx,Sd = σa,Sd+σm,Sd eq. 2.2.1
= 96.134328 MPa

h = 9.8 m
Design lateral pressure pSd = 0.09604 MPa

σh,Sd = pSdr/t eq. 2.2.8
= 168.169463 MPa

τSd = |τT,Sd+τQ,Sd| eq. 2.2.5

= TSd/(2πr
2t)+[-Q1,Sdsinθ/(πrt)+ eq. 2.2.6-7

Q2,Sdconθ/(πrt)]
= 31.1682399 MPa

σj,Sd = 160.760512 MPa for panel eq. 3.2.3

Zs = eq. 3.3.3
= 0.11824307

C = eq. 3.3.2
Ca = 4.00001699 axial Table 3-1

Cτ = 5.34893644 shear Table 3-1

Ch = 1.00295363 hydrostatic pressure Table 3-1

eq. 3.3.1

Stress due to bending

Design longitudinal
membrane stress

water level difference

Circumferential membrane
stress

fE

σj,Sdvon Mises' stress

=

Curvature parameter

=

Reduced buckling
coefficient

Elastic buckling strength for

Based on DNVGL-RP-
C202

Axial force
Shear force
Bending moment

Stress due to axial force

27 m
Distance between eff.
supports of the cylinder

L =

Equivalent thickness

 Membrane shear stress

𝜓 1 + (𝜌𝜉/𝜓)

𝑠 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑠
)

(𝜎 , + 𝜎 , ) − 𝜎 , + 𝜎 , 𝜎 , + 𝜎 , + 3𝜏



7 Stiffened cylindrical shell design for external column (DNVGL) case1
Designed by: Date:
Checked by: Reference

fEa = 3497.90705 MPa
fEτ = 4677.50076 MPa

fEh = 877.055919 MPa
eq. 3.2.2

= 0.4650421

= 321.895125 MPa
fksd = fks/γM eq. 3.1.2

= 279.908805 MPa
σj,Sd = 160.760512 < fksd eq. 3.1.1 OK

b) Panel Stiffener Buckling
Zl = eq. 3.6.5

= 258.22421
Effective shell width Se = eq. 3.6.7

= 0.02281052 m
Moment of inertia Isef = 3.7865E-07 m4

Coefficient αc = 12(1-ν2)Isef/(st
3) eq. 3.6.6

= 2859.6359
C = eq. 3.6.4
Ca = 2337.79666 axial Table 3-3

Cτ = 4748.69606 shear Table 3-3

Ch = 109.430202 hydrostatic pressure Table 3-3
eq. 3.6.3

fEa = 1065.91432 MPa

fEτ = 2165.15972 MPa

fEh = 49.8945107 MPa
eq. 3.2.2

= 1.63928255

= 184.874589 MPa
fksd = fks/γM eq. 3.1.2

= 160.760512 MPa
σj,Sd = 160.760512 > fksd eq. 3.1.1 OK
hs = 18.8145057 mm

< 19 mm eq. 3.10.7 OK

bf = 4.53313709 mm

< 6 mm eq. 3.10.8 OK

c) Panel Ring Buckling
Cross sectional area AR = 0.00486814 m2

≥ AReq=(2/Zl
2+0.06)lt eq. 3.5.1

= 0.00035958 m2

=

=

=fks

Design buckling strength of
a shell

reduced shell slenderness

Required cross sectional
area

Design buckling strength of
a shell

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for
axial force & bending
moment

Geometric proportions
requirement (web)

Geometric proportions
requirement (flange)

reduced shell slenderness

Characteristic buckling
strength of a shell

fE

=

Characteristic buckling
strength of a shell

fks =

Elastic buckling strength for
axial force & bending
moment

12(1 − 𝜈 )
(
𝑠
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

𝑙 1 − 𝑣 /(𝑟𝑡)

𝑓 𝜎 , 𝑠/(𝜎 , 𝑓 )

𝜓 1 + (𝜌𝜉/𝜓)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

1.35𝑡
𝐸

𝑓
=

0.4𝑡
𝐸

𝑓
=



7 Stiffened cylindrical shell design for external column (DNVGL) case1
Designed by: Date:
Checked by: Reference

eq. 3.5.3

= 0.18513179 m
leo = or l (smaller one)

= 0.18640052 m
r0 = 4.99813959 m

αA = A/(st) eq. 3.5.6

= 0.13865043
eq. 3.5.5

= 8.8559E-07 m4

eq. 3.5.7

= 1.0851E-16 m4

δ0 = 0.005r eq. 3.5.13

= 0.025

eq. 3.5.8

= 6.4938E-05 m4

Effective moment of inertia of a ring frameIR = 6.5823E-05 m4

< Ix+Ixh+Ih OK

= 6.5823E-05 m4

hr = 399.80321 mm

< 400 mm eq. 3.10.7 OK

bf = 0 mm

< 0 mm eq. 3.10.8 OK

d) Column Buckling
I of the complete section Ic = 1.27556231 m4

Area of complete section Ac = 0.10211136 m2

Radius of gyration ic = 3.53438456 m
eq. 3.8.1

< 2.5E/fy

= 1478.87324
The stability requirement for a shell-column

σa,Sd = NSd/(2πrt) eq. 2.2.2
= 48.53595 MPa

σm,Sd = M1,Sdsinθ/(πr
2t)-M2,Sdconθ/(πr

2t) eq. 2.2.3
= 60.9274434 MPa

eq. 3.8.7

= 0.08877664

fkc = eq. 3.8.5
= 279.291113 MPa

Stress due to axial force

Stress due to bending

= 58.3579362

No buckling strength
design requirement

or l (smaller one)=lef

=Ih
Moment of inertia
subjected to external lateral
pressure

Geometric proportions
requirement (web)

Geometric proportions
requirement (flange)

=Reduced column
slenderness

Characteristic column
buckling strength

Intial out-of-roundness
parameter

Effective width of shell

Equivalent length

Ixh =

Moment of inertia
subjected to axial
compression and bending

Moment of inertia
subjected to shear

Ix =

1.56 𝑟𝑡

1 + 12𝑡/𝑟

𝜎 , 𝑡 1 + 𝛼 𝑟

500𝐸𝑙

𝜏

𝐸

/ 𝑟

𝐿

/

𝐿𝑟 𝑡𝑙

𝑝 𝑟𝑟 𝑙

3𝐸
1.5 +

3𝐸𝑍 𝛿

𝑟
𝑓
2
− 𝜎 ,

1.56 𝑟𝑡

k𝐿

𝑖

�̅�
𝑓

𝑓
=
𝑘𝐿

𝜋𝑖

𝑓

𝐸

1.0 − 0.28�̅� 𝑓

1.35𝑡
𝐸

𝑓
=

0.4𝑡
𝐸

𝑓
=



7 Stiffened cylindrical shell design for external column (DNVGL) case1
Designed by: Date:
Checked by: Reference

fkcd = fkc/γM eq. 3.8.6
= 192.61456 MPa

Euler buckling strength eq. 3.8.3

= 35515.5966 MPa
Zl = eq. 3.4.3

= 294.027107
C = eq. 3.4.2
Ca = 29.0070268 axial Table 3-2

eq. 3.4.1

fEa = 10.2008875 MPa

l/r = 0.41955205
> 0.0941521

fEh = 0.25E(t/r)^2 eq. 3.4.5
= 0.01712258 MPa

fakd = fak/γM
= 160.760512 MPa

= 0.63143534 < 1 eq. 3.8.2 OK

e) The Cost of Steel Structure

Volume of column Vc = 2.42208095 m3

Volume of stringer Vs = 0.33582255 m3

Volume of ring Vr = 1.96843511 m3

Total volumn V = 4.72633862 m3

Density of steel ρ = 7850 kg/m3

Total mass ms = 37101.7581 kg

Cost of steel Cs = 37101.7581 € 1 €/kg
f) The Cost of Filler material
Length of welding Ls = 80653.5754 m for stringer

Lr = 808.700636 m for ring

L = Ls+Lr

= 81462.276 m
leg length of weld a = 2 mm
Mass of weld mw = A*L*ρ

= 1278.95773 kg
Cost of Filler material Cw = 2557.91547 € 2 €/kg
g) The Cost of Labour welding

T = 13577.046 h
Cost of labour welding Cl = 271540.92 €
h) Total Cost 

C = 311200.594 €

Design local buckling
strength

2.25(r/t)^0.5Elastic buckling strength for
lateral pressure

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for
axial force

fE =

=fE1

Design column buckling
strength

𝜎 ,

𝑓
+

1

𝑓

𝜎 ,

1 −
𝜎 ,

𝑓

𝜋 𝐸𝐼 ,

𝑘 𝐿 , 𝐴

𝜓 1 + (𝜌𝜉/𝜓)

𝑙 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)



7 Stiffened cylindrical shell design for external column (DNVGL) case2
Designed by: Date:
Checked by: Reference
Design Information
Distance of ring frames l = 1.42 m

Shell thickness t = 11 mm
Stringer web width hs = 0 mm

Stringer web thickness tws = 0 mm

Stringer flange width bs = 0 mm

Stringer flange thickness tfs = 0 mm
Spacing of stringer s = 2.3113E+10 mm

te = t+A/s eq. 2.2.4
= 11 mm

Ring web width hr = 360 mm

Ring web thickness twr = 11 mm

Ring flange width br = 11 mm

Ring flange thicknss tfr = 0 mm
Shell Radius r = 5 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Load comb. Case: 1.0G + 1.0Q+ 1.35E

F = 4354 kN
V = 1398 kN
M = 13664 kNm

a) Shell buckling
σa,Sd = NSd/(2πrt) eq. 2.2.2

= 12.599284 MPa
σm,Sd = M1,Sdsinθ/(πr

2t)-M2,Sdconθ/(πr
2t) eq. 2.2.3

= 15.8159501 MPa

σx,Sd = σa,Sd+σm,Sd eq. 2.2.1
= 28.4152342 MPa

h = 9.8 m
Design lateral pressure pSd = 0.09604 MPa

σh,Sd = pSdr/t eq. 2.2.8
= 43.6545455 MPa

τSd = |τT,Sd+τQ,Sd| eq. 2.2.5

= TSd/(2πr
2t)+[-Q1,Sdsinθ/(πrt)+ eq. 2.2.6-7

Q2,Sdconθ/(πrt)]
= 8.09085856 MPa

σj,Sd = 41.362196 MPa for panel eq. 3.2.3

Zs = eq. 3.3.3
= 9.2657E+15

C = eq. 3.3.2
Ca = 1.62E+15 axial Table 3-1

Cτ = 1.788E+15 shear Table 3-1

Ch = 7.0192E+28 hydrostatic pressure Table 3-1

eq. 3.3.1fE =

 Membrane shear stress

von Mises' stress
σj,Sd =

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for

Stress due to axial force

Stress due to bending

Design longitudinal
membrane stress

water level difference

Circumferential membrane
stress

Equivalent thickness

Axial force
Shear force
Bending moment

Based on DNVGL-RP-
C202

Distance between eff.
supports of the cylinder

L = 27 m

𝜓 1 + (𝜌𝜉/𝜓)

𝑠 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑠
)

(𝜎 , + 𝜎 , ) − 𝜎 , + 𝜎 , 𝜎 , + 𝜎 , + 3𝜏



7 Stiffened cylindrical shell design for external column (DNVGL) case2
Designed by: Date:
Checked by: Reference

fEa = 69.643092 MPa
fEτ = 76.8645513 MPa

fEh = 3.0175E+15 MPa
eq. 3.2.2

= 2.45614544

= 133.865553 MPa
fksd = fks/γM eq. 3.1.2

= 92.3210714 MPa
σj,Sd = 41.362196 < fksd eq. 3.1.1 OK

b) Panel Stiffener Buckling
Zl = eq. 3.6.5

= 34.9731456
Effective shell width Se = eq. 3.6.7

= 5987532.94 m
Moment of inertia Isef = 0.6641172 m4

Coefficient αc = 12(1-ν2)Isef/(st
3) eq. 3.6.6

= 0.23573796
C = eq. 3.6.4
Ca = 12.337616 axial Table 3-3

Cτ = 18.7391702 shear Table 3-3

Ch = 5.60836478 hydrostatic pressure Table 3-3
eq. 3.6.3

fEa = 140.519414 MPa

fEτ = 213.429988 MPa

fEh = 63.8765331 MPa
eq. 3.2.2

= 3.61215864

= 94.7165553 MPa
fksd = fks/γM eq. 3.1.2

= 65.3217622 MPa
σj,Sd = 41.362196 < fksd eq. 3.1.1 OK
hs = 0 mm

< 0 mm eq. 3.10.7 OK

bf = 0 mm

< 0 mm eq. 3.10.8 OK

c) Panel Ring Buckling
Cross sectional area AR = 0.00396 m2

≥ AReq=(2/Zl
2+0.06)lt eq. 3.5.1

= 0.00096274 m2

Design buckling strength of
a shell

Geometric proportions
requirement (web)

Geometric proportions
requirement (flange)

Required cross sectional
area

Characteristic buckling
strength of a shell

fks =

Characteristic buckling
strength of a shell

fks =

Design buckling strength of
a shell

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for
axial force & bending
moment

fE =

reduced shell slenderness
=

reduced shell slenderness
=

Elastic buckling strength for
axial force & bending
moment

12(1 − 𝜈 )
(
𝑠
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

𝑙 1 − 𝑣 /(𝑟𝑡)

𝑓 𝜎 , 𝑠/(𝜎 , 𝑓 )

𝜓 1 + (𝜌𝜉/𝜓)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

1.35𝑡
𝐸

𝑓
=

0.4𝑡
𝐸

𝑓
=



7 Stiffened cylindrical shell design for external column (DNVGL) case2
Designed by: Date:
Checked by: Reference

eq. 3.5.3

= 0.35644235 m
leo = or l (smaller one)

= 0.36585243 m
r0 = 4.9945 m

αA = A/(st) eq. 3.5.6

= 0
eq. 3.5.5

= 1.3045E-06 m4

eq. 3.5.7

= 3.2674E-17 m4

δ0 = 0.005r eq. 3.5.13

= 0.025

eq. 3.5.8

= 4.12E-05 m4

Effective moment of inertia of a ring frameIR = 4.3543E-05 m4

≥ Ix+Ixh+Ih OK

= 4.2504E-05 m4

hr = 360 mm

< 361 mm eq. 3.10.7 OK

bf = 0 mm

< 0 mm eq. 3.10.8 OK

d) Column Buckling
I of the complete section Ic = 4.30545582 m4

Area of complete section Ac = 0.34519506 m2

Radius of gyration ic = 3.53164696 m
eq. 3.8.1

< 2.5E/fy

= 1478.87324
The stability requirement for a shell-column

σa,Sd = NSd/(2πrt) eq. 2.2.2
= 12.599284 MPa

σm,Sd = M1,Sdsinθ/(πr
2t)-M2,Sdconθ/(πr

2t) eq. 2.2.3
= 15.8159501 MPa

eq. 3.8.7

= 0.05102434

fkc = eq. 3.8.5
= 92.2537716 MPa

Geometric proportions
requirement (web)

Geometric proportions
requirement (flange)

=

Stress due to bending

Reduced column
slenderness

=

Characteristic column
buckling strength

58.4484451

No buckling strength
design requirement

Stress due to axial force

Moment of inertia
subjected to shear

Ixh =

Intial out-of-roundness
parameter

Moment of inertia
subjected to external lateral
pressure

Ih =

= or l (smaller one)

Equivalent length

Moment of inertia
subjected to axial
compression and bending

Ix =

lefEffective width of shell
1.56 𝑟𝑡

1 + 12𝑡/𝑟

𝜎 , 𝑡 1 + 𝛼 𝑟

500𝐸𝑙

𝜏

𝐸

/ 𝑟

𝐿

/

𝐿𝑟 𝑡𝑙

𝑝 𝑟𝑟 𝑙

3𝐸
1.5 +

3𝐸𝑍 𝛿

𝑟
𝑓
2
− 𝜎 ,

1.56 𝑟𝑡

k𝐿

𝑖

�̅�
𝑓

𝑓
=
𝑘𝐿

𝜋𝑖

𝑓

𝐸

1.0 − 0.28�̅� 𝑓

1.35𝑡
𝐸

𝑓
=

0.4𝑡
𝐸

𝑓
=



7 Stiffened cylindrical shell design for external column (DNVGL) case2
Designed by: Date:
Checked by: Reference

fkcd = fkc/γM eq. 3.8.6
= 63.6232907 MPa

Euler buckling strength eq. 3.8.3

= 35460.5998 MPa
Zl = eq. 3.4.3

= 34.9731456
C = eq. 3.4.2
Ca = 6.19590013 axial Table 3-2

eq. 3.4.1

fEa = 70.5682735 MPa

l/r = 0.284
> 0.0479702

fEh = 0.25E(t/r)^2 eq. 3.4.5
= 0.2541 MPa

fakd = fak/γM
= 65.3217622 MPa

= 0.44023924 < 1 eq. 3.8.2 OK

e) The Cost of Steel Structure

Volume of column Vc = 9.33053018 m3

Volume of stringer Vs = 0 m3

Volume of ring Vr = 2.36548652 m3

Total volumn V = 11.6960167 m3

Density of steel ρ = 7850 kg/m3

Total mass ms = 91813.7311 kg

Cost of steel Cs = 91813.7311 € 1 €/kg
f) The Cost of Filler material
Length of welding Ls = 7.3398E-05 m for stringer

Lr = 1194.69016 m for ring

L = Ls+Lr

= 1194.69024 m
leg length of weld a = 8 mm
Mass of weld mw = A*L*ρ

= 300.106188 kg
Cost of Filler material Cw = 600.212375 € 2 €/kg
g) The Cost of Labour welding

T = 199.11504 h
Cost of labour welding Cl = 3982.30079 €
h) Total Cost 

C = 96396.2443 €

2.25(r/t)^0.5

Design local buckling
strength

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for
axial force

fE =

Elastic buckling strength for
lateral pressure

fE1 =

Design column buckling
strength

𝜎 ,

𝑓
+

1

𝑓

𝜎 ,

1 −
𝜎 ,

𝑓

𝜋 𝐸𝐼 ,

𝑘 𝐿 , 𝐴

𝜓 1 + (𝜌𝜉/𝜓)

𝑙 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)



8 Stiffened shell structure design for internal column (DNVGL) case1
Designed by: Date:
Checked by: Reference
Design Information
Distance of ring frames l = 1.70473361 m

Shell thickness t = 2.88317798 mm
Stringer web width hs = 20.8101924 mm

Stringer web thickness tws = 0.63379215 mm

Stringer flange width bs = 11.180524 mm

Stringer flange thickness tfs = 0.62809942 mm
Spacing of stringer s = 45.8474301 mm

te = t+A/s eq. 2.2.4
= 3.3240275 mm

Ring web width hr = 379.944205 mm

Ring web thickness twr = 11.5715247 mm

Ring flange width br = 11.5715247 mm

Ring flange thicknss tfr = 5 mm
Shell Radius r = 3 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Load comb. Case: 1.0G + 1.0Q+ 1.35E

F = 11180 kN
V = 1005 kN
M = 8867 kNm

a) Shell buckling
σa,Sd = NSd/(2πrt) eq. 2.2.2

= 178.433368 MPa
σm,Sd = M1,Sdsinθ/(πr

2t)-M2,Sdconθ/(πr
2t) eq. 2.2.3

= 94.3451803 MPa

σx,Sd = σa,Sd+σm,Sd eq. 2.2.1
= 272.778548 MPa

h = 9.8 m
Design lateral pressure pSd = 0.09604 MPa

σh,Sd = pSdr/t eq. 2.2.8
= 99.9313957 MPa

τSd = |τT,Sd+τQ,Sd| eq. 2.2.5

= TSd/(2πr
2t)+[-Q1,Sdsinθ/(πrt)+ eq. 2.2.6-7

Q2,Sdconθ/(πrt)]
= 36.9848176 MPa

σj,Sd = 167.622449 MPa for panel eq. 3.2.3

Zs = eq. 3.3.3
= 0.23182378

C = eq. 3.3.2
Ca = 4.00010428 axial Table 3-1

Cτ = 5.35694467 shear Table 3-1

Ch = 1.0054791 hydrostatic pressure Table 3-1

eq. 3.3.1

Stress due to bending

Design longitudinal
membrane stress

water level difference

Circumferential membrane
stress

fE

σj,Sdvon Mises' stress

=

Curvature parameter

=

Reduced buckling
coefficient

Elastic buckling strength for

Based on DNVGL-RP-
C202

Axial force
Shear force
Bending moment

Stress due to axial force

27 m
Distance between eff.
supports of the cylinder

L =

Equivalent thickness

 Membrane shear stress

𝜓 1 + (𝜌𝜉/𝜓)

𝑠 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑠
)

(𝜎 , + 𝜎 , ) − 𝜎 , + 𝜎 , 𝜎 , + 𝜎 , + 3𝜏



8 Stiffened shell structure design for internal column (DNVGL) case1
Designed by: Date:
Checked by: Reference

fEa = 3002.48348 MPa
fEτ = 4020.92964 MPa

fEh = 754.713922 MPa
eq. 3.2.2

= 0.42576569

= 326.627378 MPa
fksd = fks/γM eq. 3.1.2

= 284.023807 MPa
σj,Sd = 167.622449 < fksd eq. 3.1.1 OK

b) Panel Stiffener Buckling
Zl = eq. 3.6.5

= 278.001976
Effective shell width Se = eq. 3.6.7

= 0.06864632 m
Moment of inertia Isef = 5.7173E-07 m4

Coefficient αc = 12(1-ν2)Isef/(st
3) eq. 3.6.6

= 3707.67923
C = eq. 3.6.4
Ca = 3408.30124 axial Table 3-3

Cτ = 3504.16468 shear Table 3-3

Ch = 124.234277 hydrostatic pressure Table 3-3
eq. 3.6.3

fEa = 2459.52103 MPa

fEτ = 2528.69864 MPa

fEh = 89.6507661 MPa
eq. 3.2.2

= 1.11104812

= 237.489918 MPa
fksd = fks/γM eq. 3.1.2

= 206.512972 MPa
σj,Sd = 167.622449 < fksd eq. 3.1.1 OK
hs = 20.8101924 mm

> 21 mm eq. 3.10.7 OK

bf = 5.27336593 mm

< 6 mm eq. 3.10.8 OK

c) Panel Ring Buckling
Cross sectional area AR = 0.00445439 m2

≥ AReq=(2/Zl
2+0.06)lt eq. 3.5.1

= 0.00029503 m2

=

=

=fks

Design buckling strength of
a shell

reduced shell slenderness

Required cross sectional
area

Design buckling strength of
a shell

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for
axial force & bending
moment

Geometric proportions
requirement (web)

Geometric proportions
requirement (flange)

reduced shell slenderness

Characteristic buckling
strength of a shell

fE

=

Characteristic buckling
strength of a shell

fks =

Elastic buckling strength for
axial force & bending
moment

12(1 − 𝜈 )
(
𝑠
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

𝑙 1 − 𝑣 /(𝑟𝑡)

𝑓 𝜎 , 𝑠/(𝜎 , 𝑓 )

𝜓 1 + (𝜌𝜉/𝜓)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

1.35𝑡
𝐸

𝑓
=

0.4𝑡
𝐸

𝑓
=



8 Stiffened shell structure design for internal column (DNVGL) case1
Designed by: Date:
Checked by: Reference

eq. 3.5.3

= 0.14343034 m
leo = or l (smaller one)

= 0.14508448 m
r0 = 2.99784072 m

αA = A/(st) eq. 3.5.6

= 0.15290402
eq. 3.5.5

= 4.0913E-07 m4

eq. 3.5.7

= 6.3398E-17 m4

δ0 = 0.005r eq. 3.5.13

= 0.015

eq. 3.5.8

= 1.0715E-05 m4

Effective moment of inertia of a ring frameIR = 5.3751E-05 m4

≥ Ix+Ixh+Ih OK

= 1.1124E-05 m4

hr = 379.944205 mm

< 380 mm eq. 3.10.7 OK

bf = 0 mm

< 49 mm eq. 3.10.8 OK

d) Column Buckling
I of the complete section Ic = 0.28148572 m4

Area of complete section Ac = 0.06262173 m2

Radius of gyration ic = 2.12014545 m
eq. 3.8.1

< 2.5E/fy

= 1478.87324
The stability requirement for a shell-column

σa,Sd = NSd/(2πrt) eq. 2.2.2
= 205.716548 MPa

σm,Sd = M1,Sdsinθ/(πr
2t)-M2,Sdconθ/(πr

2t) eq. 2.2.3
= 108.770938 MPa

eq. 3.8.7

= 0.14907882

fkc = eq. 3.8.5
= 282.256367 MPa

Stress due to axial force

Stress due to bending

= 162.179597

No buckling strength
design requirement

or l (smaller one)=lef

=Ih
Moment of inertia
subjected to external lateral
pressure

Geometric proportions
requirement (web)

Geometric proportions
requirement (flange)

=Reduced column
slenderness

Characteristic column
buckling strength

Intial out-of-roundness
parameter

Effective width of shell

Equivalent length

Ixh =

Moment of inertia
subjected to axial
compression and bending

Moment of inertia
subjected to shear

Ix =

1.56 𝑟𝑡

1 + 12𝑡/𝑟

𝜎 , 𝑡 1 + 𝛼 𝑟

500𝐸𝑙

𝜏

𝐸

/ 𝑟

𝐿

/

𝐿𝑟 𝑡𝑙

𝑝 𝑟𝑟 𝑙

3𝐸
1.5 +

3𝐸𝑍 𝛿

𝑟
𝑓
2
− 𝜎 ,

1.56 𝑟𝑡

k𝐿

𝑖

�̅�
𝑓

𝑓
=
𝑘𝐿

𝜋𝑖

𝑓

𝐸

1.0 − 0.28�̅� 𝑓

1.35𝑡
𝐸

𝑓
=

0.4𝑡
𝐸

𝑓
=



8 Stiffened shell structure design for internal column (DNVGL) case1
Designed by: Date:
Checked by: Reference

fkcd = fkc/γM eq. 3.8.6
= 194.659563 MPa

Euler buckling strength eq. 3.8.3

= 12779.7637 MPa
Zl = eq. 3.4.3

= 320.509597
C = eq. 3.4.2
Ca = 39.9449467 axial Table 3-2

eq. 3.4.1

fEa = 21.6864319 MPa

l/r = 0.56824454
> 0.0725784

fEh = 0.25E(t/r)^2 eq. 3.4.5
= 0.04849084 MPa

fakd = fak/γM
= 206.512972 MPa

= 0.99096239 < 1 eq. 3.8.2 OK

e) The Cost of Steel Structure

Volume of column Vc = 1.46735886 m3

Volume of stringer Vs = 0.22436507 m3

Volume of ring Vr = 1.32983186 m3

Total volumn V = 3.0215558 m3

Density of steel ρ = 7850 kg/m3

Total mass ms = 23719.213 kg

Cost of steel Cs = 23719.213 € 1 €/kg
f) The Cost of Filler material
Length of welding Ls = 44402.7514 m for stringer

Lr = 1194.17604 m for ring

L = Ls+Lr

= 45596.9274 m
leg length of weld a = 2 mm
Mass of weld mw = A*L*ρ

= 715.87176 kg
Cost of Filler material Cw = 1431.74352 € 2 €/kg
g) The Cost of Labour welding

T = 7599.4879 h
Cost of labour welding Cl = 151989.758 €
h) Total Cost 

C = 177140.715 €

Design local buckling
strength

2.25(r/t)^0.5Elastic buckling strength for
lateral pressure

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for
axial force

fE =

=fE1

Design column buckling
strength

𝜎 ,

𝑓
+

1

𝑓

𝜎 ,

1 −
𝜎 ,

𝑓

𝜋 𝐸𝐼 ,

𝑘 𝐿 , 𝐴

𝜓 1 + (𝜌𝜉/𝜓)

𝑙 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)



8 Stiffened shell structure design for internal column (DNVGL) case2
Designed by: Date:
Checked by: Reference
Design Information
Distance of ring frames l = 1.96927005 m

Shell thickness t = 12 mm
Stringer web width hs = 0 mm

Stringer web thickness tws = 0 mm

Stringer flange width bs = 0 mm

Stringer flange thickness tfs = 0 mm
Spacing of stringer s = 7.4716E+17 mm

te = t+A/s eq. 2.2.4
= 12 mm

Ring web width hr = 388 mm

Ring web thickness twr = 11.8168708 mm

Ring flange width br = 11.8168708 mm

Ring flange thicknss tfr = 0 mm
Shell Radius r = 5 m
Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Load comb. Case: 1.0G + 1.0Q+ 1.35E

F = 11180 kN
V = 1005 kN
M = 8867 kNm

a) Shell buckling
σa,Sd = NSd/(2πrt) eq. 2.2.2

= 29.6558711 MPa
σm,Sd = M1,Sdsinθ/(πr

2t)-M2,Sdconθ/(πr
2t) eq. 2.2.3

= 9.4081792 MPa

σx,Sd = σa,Sd+σm,Sd eq. 2.2.1
= 39.0640503 MPa

h = 9.8 m
Design lateral pressure pSd = 0.09604 MPa

σh,Sd = pSdr/t eq. 2.2.8
= 40.0166667 MPa

τSd = |τT,Sd+τQ,Sd| eq. 2.2.5

= TSd/(2πr
2t)+[-Q1,Sdsinθ/(πrt)+ eq. 2.2.6-7

Q2,Sdconθ/(πrt)]
= 5.33169059 MPa

σj,Sd = 37.1396818 MPa for panel eq. 3.2.3

Zs = eq. 3.3.3
= 8.8756E+30

C = eq. 3.3.2
Ca = 1.6028E+30 axial Table 3-1

Cτ = 1.1262E+30 shear Table 3-1

Ch = 2.0722E+58 hydrostatic pressure Table 3-1

eq. 3.3.1fE =

 Membrane shear stress

von Mises' stress
σj,Sd =

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for

Stress due to axial force

Stress due to bending

Design longitudinal
membrane stress

water level difference

Circumferential membrane
stress

Equivalent thickness

Axial force
Shear force
Bending moment

Based on DNVGL-RP-
C202

Distance between eff.
supports of the cylinder

L = 27 m

𝜓 1 + (𝜌𝜉/𝜓)

𝑠 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑠
)

(𝜎 , + 𝜎 , ) − 𝜎 , + 𝜎 , 𝜎 , + 𝜎 , + 3𝜏



8 Stiffened shell structure design for internal column (DNVGL) case2
Designed by: Date:
Checked by: Reference

fEa = 78.4724573 MPa
fEτ = 55.136058 MPa

fEh = 1.0145E+30 MPa
eq. 3.2.2

= 4.53661202

= 76.4177231 MPa
fksd = fks/γM eq. 3.1.2

= 52.701878 MPa
σj,Sd = 37.1396818 < fksd eq. 3.1.1 OK

b) Panel Stiffener Buckling
Zl = eq. 3.6.5

= 61.6566602
Effective shell width Se = eq. 3.6.7

= 1.6917E+14 m
Moment of inertia Isef = 24360214.7 m4

Coefficient αc = 12(1-ν2)Isef/(st
3) eq. 3.6.6

= 0.20603748
C = eq. 3.6.4
Ca = 21.6750667 axial Table 3-3

Cτ = 32.1139481 shear Table 3-3

Ch = 6.45115127 hydrostatic pressure Table 3-3
eq. 3.6.3

fEa = 152.759696 MPa

fEτ = 226.329959 MPa

fEh = 45.4658766 MPa
eq. 3.2.2

= 4.66654892

= 74.3846209 MPa
fksd = fks/γM eq. 3.1.2

= 51.2997385 MPa
σj,Sd = 37.1396818 < fksd eq. 3.1.1 OK
hs = 0 mm

< 0 mm eq. 3.10.7 OK

bf = 0 mm

< 0 mm eq. 3.10.8 OK

c) Panel Ring Buckling
Cross sectional area AR = 0.00458495 m2

≥ AReq=(2/Zl
2+0.06)lt eq. 3.5.1

= 0.00143031 m2

Design buckling strength of
a shell

Geometric proportions
requirement (web)

Geometric proportions
requirement (flange)

Required cross sectional
area

Characteristic buckling
strength of a shell

fks =

Characteristic buckling
strength of a shell

fks =

Design buckling strength of
a shell

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for
axial force & bending
moment

fE =

reduced shell slenderness
=

reduced shell slenderness
=

Elastic buckling strength for
axial force & bending
moment

12(1 − 𝜈 )
(
𝑠
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

𝑙 1 − 𝑣 /(𝑟𝑡)

𝑓 𝜎 , 𝑠/(𝜎 , 𝑓 )

𝜓 1 + (𝜌𝜉/𝜓)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)

𝜆
𝑓

𝜎 ,

𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜎 ,

𝑓
+
𝜏

𝑓

𝑓 / 1 + 𝜆

1.35𝑡
𝐸

𝑓
=

0.4𝑡
𝐸

𝑓
=



8 Stiffened shell structure design for internal column (DNVGL) case2
Designed by: Date:
Checked by: Reference

eq. 3.5.3

= 0.37142341 m
leo = or l (smaller one)

= 0.3821204 m
r0 = 4.994 m

αA = A/(st) eq. 3.5.6

= 0
eq. 3.5.5

= 1.4101E-06 m4

eq. 3.5.7

= 2.536E-17 m4

δ0 = 0.005r eq. 3.5.13

= 0.025

eq. 3.5.8

= 5.7185E-05 m4

Effective moment of inertia of a ring frameIR = 5.8492E-05 m4

< Ix+Ixh+Ih OK

= 5.8595E-05 m4

hr = 388 mm

< 388 mm eq. 3.10.7 OK

bf = 0 mm

< 0 mm eq. 3.10.8 OK

d) Column Buckling
I of the complete section Ic = 4.69545151 m4

Area of complete section Ac = 0.37653873 m2

Radius of gyration ic = 3.53129381 m
eq. 3.8.1

< 2.5E/fy

= 1478.87324
The stability requirement for a shell-column

σa,Sd = NSd/(2πrt) eq. 2.2.2
= 29.6558711 MPa

σm,Sd = M1,Sdsinθ/(πr
2t)-M2,Sdconθ/(πr

2t) eq. 2.2.3
= 9.4081792 MPa

eq. 3.8.7

= 0.03855524

fkc = eq. 3.8.5
= 52.6799423 MPa

Geometric proportions
requirement (web)

Geometric proportions
requirement (flange)

=

Stress due to bending

Reduced column
slenderness

=

Characteristic column
buckling strength

58.460136

No buckling strength
design requirement

Stress due to axial force

Moment of inertia
subjected to shear

Ixh =

Intial out-of-roundness
parameter

Moment of inertia
subjected to external lateral
pressure

Ih =

= or l (smaller one)

Equivalent length

Moment of inertia
subjected to axial
compression and bending

Ix =

lefEffective width of shell
1.56 𝑟𝑡

1 + 12𝑡/𝑟

𝜎 , 𝑡 1 + 𝛼 𝑟

500𝐸𝑙

𝜏

𝐸

/ 𝑟

𝐿

/

𝐿𝑟 𝑡𝑙

𝑝 𝑟𝑟 𝑙

3𝐸
1.5 +

3𝐸𝑍 𝛿

𝑟
𝑓
2
− 𝜎 ,

1.56 𝑟𝑡

k𝐿

𝑖

�̅�
𝑓

𝑓
=
𝑘𝐿

𝜋𝑖

𝑓

𝐸

1.0 − 0.28�̅� 𝑓

1.35𝑡
𝐸

𝑓
=

0.4𝑡
𝐸

𝑓
=



8 Stiffened shell structure design for internal column (DNVGL) case2
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fkcd = fkc/γM eq. 3.8.6
= 36.3309947 MPa

Euler buckling strength eq. 3.8.3

= 35453.5084 MPa
Zl = eq. 3.4.3

= 61.6566602
C = eq. 3.4.2
Ca = 11.1792691 axial Table 3-2

eq. 3.4.1

fEa = 78.788304 MPa

l/r = 0.39385401
> 0.0459279

fEh = 0.25E(t/r)^2 eq. 3.4.5
= 0.3024 MPa

fakd = fak/γM
= 51.2997385 MPa

= 0.99981895 < 1 eq. 3.8.2 OK

e) The Cost of Steel Structure

Volume of column Vc = 10.1787602 m3

Volume of stringer Vs = 0 m3

Volume of ring Vr = 1.97488847 m3

Total volumn V = 12.1536487 m3

Density of steel ρ = 7850 kg/m3

Total mass ms = 95406.142 kg

Cost of steel Cs = 95406.142 € 1 €/kg
f) The Cost of Filler material
Length of welding Ls = 1.1353E-11 m for stringer

Lr = 861.466428 m for ring

L = Ls+Lr

= 861.466428 m
leg length of weld a = 8 mm
Mass of weld mw = A*L*ρ

= 216.400367 kg
Cost of Filler material Cw = 432.800733 € 2 €/kg
g) The Cost of Labour welding

T = 143.577738 h
Cost of labour welding Cl = 2871.55476 €
h) Total Cost 

C = 98710.4975 €

2.25(r/t)^0.5

Design local buckling
strength

Curvature parameter

Reduced buckling
coefficient

Elastic buckling strength for
axial force

fE =

Elastic buckling strength for
lateral pressure

fE1 =

Design column buckling
strength

𝜎 ,

𝑓
+

1

𝑓

𝜎 ,

1 −
𝜎 ,

𝑓

𝜋 𝐸𝐼 ,

𝑘 𝐿 , 𝐴

𝜓 1 + (𝜌𝜉/𝜓)

𝑙 1 − 𝑣 /(𝑟𝑡)

𝐶
𝜋 𝐸

12(1 − 𝜈 )
(
𝑡

𝑙
)



9 Stiffened cylindrical shell design for external column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 1.25 m
Distance of cylinder L = 27 m
Shell thickness t = 11 mm
Shell Radius r = 5 m
Ring web width hr = 360 mm

Ring web thickness twr = 6 mm

Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
External column

F = 4354 kN
V = 1398 kN
M = 13664 kNm

a) Critical meridional (axial) buckling
eq. D.1

0.5r/t
= 5.33001791 227.27273 medium cylinder

Factor Cx = 1 eq. D.3-D.10
σx,Rcr = 0.605ECxt/r eq. D.2

= 279.51 MPa
eq. D.15

= 0.00938083 m

eq. D.14

= 0.2461644

r/t = 454.545455
> 0.03E/fyk= 17.746479

eq. 8.17

= 1.12697816
= 0.2 eq. D.16

Plastic range factor β = 0.6 eq. D.16
Interaction exponent η = 1 eq. D.16

eq. 8.16

= 0.78448135
eq. 8.13-8.15

eq. 8.13-8.15

= 0.19381806
kx = 1.25+0.75χx eq. D.46

= 1.39536354
σx,Rk = χ xf yk ch. 8.5.2

= 68.8054101 MPa
γM1 = 1.1 ch. 8.5.2

σx,Rd = σx,Rk/γM1 eq. 8.11
= 62.5503728 MPa

Based on EN 1993-1-6

Axial force
Shear force
Bending moment

Buckling interaction
parameter

Meridional shell
slenderness parameters

=

Meridional squash limit
slenderness

Meridional plastic limit
relative slenderness

=

∈

χx =
Buckling reduction factor

=ωLength parameter

Elastic critical meridional
buckling stress

=Δwk

=αx

Characteristic
imperfection amplitude

Meridional characteristic
buckling stress

Partical factor
Meridional design
buckling stress

Meridional elastic
imperfection reduction
factor

eq. D.18 Meridional shell
buckling checking

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1

Q

𝑟

𝑡
𝑡

0.62

1 + 1.91(∆𝑤 /𝑡) .

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 − 𝛽)

�̅�

1 − 𝛽
�̅� − �̅�

�̅� − �̅�

�̅� , �̅�



9 Stiffened cylindrical shell design for external column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

= 12.599284 MPa

= 15.8159501 MPa
σx,Ed = σxE,A+σxE,M

= 28.4152342 MPa
< σx,Rd= 62.5503728 MPa OK

b) Critical circumferential (hoop) buckling due to hoop compression

eq. D.1

= 5.33001791
Buckling factors  Cθ = 1.31335567

ω/Cθ < 1.63r/t = 740.90909 short cylinder
eq. D.25

= 104.732986 MPa
αθ= 0.65 Table D.5

r/t = 454.545455
> 0.21(E/fyk)

0.5= 5.1075752
eq. 8.17

= 1.84107904
= 0.4 eq. D.26

Plastic range factor β = 0.6 eq. D.26
Interaction exponent η = 1 eq. D.26

eq. 8.16

= 0.63737744

eq. 8.13-8.15

eq. 8.13-8.15

= 0.19176462

kθ = 1.25+0.75χθ eq. D.47
= 1.39382347

σθ,Rk = χ θf yk ch. 8.5.2

= 68.0764411 MPa

γM1 = 1.1 ch. 8.5.2

σθ,Rd = σθ,Rk/γM1 eq. 8.11

= 61.8876737 MPa

External water pressure qeq = 166.6 kPa bottom of column

Internal water pressure qs = 70.56 kPa

Circumferential design
buckling stress

Partical factor

Circumferential shell
slenderness parameters

∈

Buckling reduction factor
χθ =

=

Circumferential squash
limit slenderness

=

σxE,A

Length parameter ω =

Buckling interaction
parameter

Circumferential chara-
cteristic buckling stress

Elastic critical
circumferential buckling
stress

Design value of the
meridional stress due to
axial force
Design value of the
meridional stress due to
bending

σxE,M =

Design value of
meridional stress

eq. D.27 Circumferential
shell buckling checking

Circumferential elastic
imperfection reduction factor

=σθ,Rcr

Circumferential plastic
limit relative slenderness

=

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

𝐹

2𝜋𝑟𝑡

𝑀

𝜋𝑟 𝑡

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

0.92𝐸
𝐶

𝜔

𝑡

𝑟



9 Stiffened cylindrical shell design for external column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

σθ,Ed = (qeq+qs)(r/t) eq. D.30

= 43.6545455 MPa

w 0 = σMTθr/E C.5.3

= 0.00103939 m

C.5.3

= 0.34615064
w r = w 0(1-κ ) C.5.3

= 0.00067961 m
w = w r -w 0 C.5.3

= -0.0003598 m
σeq,s = k eq,sσMTθ C.5.3

= 44.0776548
< σθ,Rd= 61.8876737 MPa OK

c) Critical shear buckling ch. D.1.4

eq. D.31

= 5.33001791 < 10 eq. D.33
< 8.7r/t = 3954.5455 short cylinder

Factor Cτ = 1.13020902 eq. D.34
eq. D.32

= 169.628051 MPa
ατ= 0.65 Table D.6

r/t = 454.545455
> 0.16(E/fyk)

0.67= 11.517386
eq. 8.17

= 1.09922102
= 0.4 eq. D.39

Plastic range factor β = 0.6 eq. D.39
Interaction exponent η = 1 eq. D.39

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.53795172

kτ = 1.75+0.25χτ eq. D.48
= 1.88448793

τxθ,Rk = ch. 8.5.2
= 110.258233 MPa

γM1 = 1.1 ch. 8.5.2

von Mises equivalent
stress of surface stresses

Shear squash limit
slenderness

Shear plastic limit relative
slenderness

=

∈

Buckling reduction factor
χτ =

Partical factor

Shear characteristic
buckling stress

Buckling interaction
parameter

Shell slenderness
parameters of shear

=

Circumferential design
stress

Length parameter ω =

τxθ,Rcr

Shear elastic imperfection
reduction factor

Elastic critical shear
buckling stress

Deformation

Ratio of ring area to total
area

κ =

Deformation

Deformation

=

eq. D.40 Shear shell
buckling checking

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

0.75𝐸𝐶
1

𝜔

𝑡

𝑟

�̅� (𝑓 / 3)/𝜏 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜒 𝑓 / 3

𝐴

𝐴 + 𝑏 + 2𝑏 𝑡



9 Stiffened cylindrical shell design for external column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

τxθ,Rd = τxθ,Rk/γM1 eq. 8.11
= 100.234758 MPa

τxθ,Ed = Q/(πrt)
= 8.09085856 MPa
< τxθ,Rd= 100.234758 MPa OK

ch. D.1.6

ki = (χxχθ)
2

eq. D.49
= 0.00138142

Interaction check eq. 8.19

= 0.95560406 OK

f) Plastic resistance of ring due to circumferential pressure

= -28.415234 MPa
B.3.3

= -0.0800429
pnr/t = (qeq+qs)(r/t)

= -43.654545 MPa
B.3.3

= -0.1229706
B.3.3

= 0.10810043
l0 =

= 0.22865777 m
Factor A = B.3.3

= -1.174016
B.3.3

= 1.13500344
B.3.3

= 0.29591635 m
= 141.782004 kN B.3.3

Resistance of ring OK

= 153.36 kN

<

Effective length of shell
without a ring

Dimensionless combined
stress parameter

Sm =

Effective length of shell
with a ring

lm =

Circumferential
membrane stress
Dimensionless
circumferential stress
parameter

Sθ =

Dimensionless von Mises
equivalent stress
parameter

Se =

Axial membrane stress
px/t =

Dimensionless axial stress
parameter

Sx =

Buckling interaction
parameter

Shear design buckling
resistance stress

d) Combinations of meridional (axial) compression, circumferential
(hoop) compression and shear

Design value of shear
stress

𝜎 ,

𝜎 ,
− 𝑘

𝜎 ,

𝜎 ,

𝜎 ,

𝜎 ,
+

𝜎 ,

𝜎 ,
+

𝜏 ,

𝜏 ,

𝐹

2𝜋𝑟𝑡
+

𝑀

𝜋𝑟 𝑡

𝑝

𝑓 𝑡

𝑝 𝑟

𝑓 𝑡

𝑆 + 𝑆 − 𝑆 𝑆

0.975 𝑟𝑡

−𝑆 − 2𝑆 − 1.5

𝐴 + 𝐴 + 4(1 − 𝑆 )

𝑙
𝑆

1 + 𝑆

𝑝 + 𝑝 𝑏 + 2𝑙

𝑓
𝐴 + 𝑏 + 2𝑙 𝑡

𝑟



10 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 2.7 m
Distance of cylinder L = 27 m
Shell thickness t = 12 mm
Shell Radius r = 3 m
Ring web width hr = 388 mm

Ring web thickness twr = 3 mm

Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Internal column

F = 11180 kN
V = 1005 kN
M = 8867 kNm

a) Critical meridional (axial) buckling
eq. D.1

0.5r/t
= 14.2302495 125 medium cylinder

Factor Cx = 1 eq. D.3-D.10
σx,Rcr = 0.605ECxt/r eq. D.2

= 508.2 MPa
eq. D.15

= 0.00758947 m

eq. D.14

= 0.31195702

r/t = 250
> 0.03E/fyk= 17.746479

eq. 8.17

= 0.83578938
= 0.2 eq. D.16

Plastic range factor β = 0.6 eq. D.16
Interaction exponent η = 1 eq. D.16

eq. 8.16

= 0.88311525
eq. 8.13-8.15

eq. 8.13-8.15

= 0.44156769
kx = 1.25+0.75χx eq. D.46

= 1.58117577
σx,Rk = χ xf yk ch. 8.5.2

= 156.756531 MPa
γM1 = 1.1 ch. 8.5.2

σx,Rd = σx,Rk/γM1 eq. 8.11
= 142.505937 MPa

Based on EN 1993-1-6

Axial force
Shear force
Bending moment

Length parameter ω =

Meridional elastic
imperfection reduction
factor

αx =

eq. D.18 Meridional shell
buckling checking

Meridional shell
slenderness parameters

=

Elastic critical meridional
buckling stress

Characteristic
imperfection amplitude

Δwk =

Buckling interaction
parameter
Meridional characteristic
buckling stress

Partical factor
Meridional design
buckling stress

Meridional squash limit
slenderness

Meridional plastic limit
relative slenderness

=

∈

Buckling reduction factor
χx =

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1

Q

𝑟

𝑡
𝑡

0.62

1 + 1.91(∆𝑤 /𝑡) .

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 − 𝛽)

�̅�

1 − 𝛽
�̅� − �̅�

�̅� − �̅�

�̅� , �̅�



10 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

= 49.4264518 MPa

= 26.1338311 MPa
σx,Ed = σxE,A+σxE,M

= 75.5602829 MPa
< σx,Rd= 142.505937 MPa OK

b) Critical circumferential (hoop) buckling due to hoop compression

eq. D.1

= 14.2302495
Buckling factors  Cθ = 1.08323086

ω/Cθ < 1.63r/t = 407.5 short cylinder
eq. D.25

= 58.8268538 MPa
αθ= 0.65 Table D.5

r/t = 250
> 0.21(E/fyk)

0.5= 5.1075752
eq. 8.17

= 2.45655428
= 0.4 eq. D.26

Plastic range factor β = 0.6 eq. D.26
Interaction exponent η = 1 eq. D.26

eq. 8.16

= 0.63737744

eq. 8.13-8.15

eq. 8.13-8.15

= 0.10771114

kθ = 1.25+0.75χθ eq. D.47
= 1.33078336

σθ,Rk = χ θf yk ch. 8.5.2

= 38.237455 MPa

γM1 = 1.1 ch. 8.5.2

σθ,Rd = σθ,Rk/γM1 eq. 8.11

= 34.7613227 MPa

External water pressure qeq = 166.6 kPa bottom of column

Internal water pressure qs = 70.56 kPa

Design value of the
meridional stress due to
axial force

σxE,A

eq. D.27 Circumferential
shell buckling checking

Circumferential shell
slenderness parameters

=

=

Design value of the
meridional stress due to
bending

σxE,M =

Design value of
meridional stress

Length parameter ω =

Circumferential squash
limit slenderness

Circumferential plastic
limit relative slenderness

=

∈

Buckling reduction factor
χθ =

Elastic critical
circumferential buckling
stress

σθ,Rcr =

Circumferential elastic
imperfection reduction factor

Buckling interaction
parameter

Circumferential chara-
cteristic buckling stress

Partical factor

Circumferential design
buckling stress

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

𝐹

2𝜋𝑟𝑡

𝑀

𝜋𝑟 𝑡

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

0.92𝐸
𝐶

𝜔

𝑡

𝑟



10 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

σθ,Ed = (qeq+qs)(r/t) eq. D.30

= 24.01 MPa

w 0 = σMTθr/E C.5.3

= 0.000343 m

C.5.3

= 0.24542656
w r = w 0(1-κ ) C.5.3

= 0.00025882 m
w = w r -w 0 C.5.3

= -8.418E-05 m
σeq,s = k eq,sσMTθ C.5.3

= 24.1749954
< σθ,Rd= 34.7613227 MPa OK

c) Critical shear buckling ch. D.1.4

eq. D.31

= 14.2302495 > 10 eq. D.33
< 8.7r/t = 2175 medium cylinder

Factor Cτ = 1 eq. D.34
eq. D.32

= 167.006853 MPa
ατ= 0.65 Table D.6

r/t = 250
> 0.16(E/fyk)

0.67= 11.517386
eq. 8.17

= 1.10781366
= 0.4 eq. D.39

Plastic range factor β = 0.6 eq. D.39
Interaction exponent η = 1 eq. D.39

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.52963896

kτ = 1.75+0.25χτ eq. D.48
= 1.88240974

τxθ,Rk = ch. 8.5.2
= 108.554454 MPa

γM1 = 1.1 ch. 8.5.2

Ratio of ring area to total
area

κ =

Deformation

Deformation

von Mises equivalent
stress of surface stresses

Circumferential design
stress

Deformation

Shear elastic imperfection
reduction factor

eq. D.40 Shear shell
buckling checking

Shell slenderness
parameters of shear

=

Shear squash limit
slenderness

Shear plastic limit relative
slenderness

=

Length parameter ω =

Elastic critical shear
buckling stress

τxθ,Rcr =

Partical factor

∈

Buckling reduction factor
χτ =

Buckling interaction
parameter

Shear characteristic
buckling stress

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

0.75𝐸𝐶
1

𝜔

𝑡

𝑟

�̅� (𝑓 / 3)/𝜏 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜒 𝑓 / 3

𝐴

𝐴 + 𝑏 + 2𝑏 𝑡



10 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2007))
Designed by: Date:
Checked by: Reference

τxθ,Rd = τxθ,Rk/γM1 eq. 8.11
= 98.6858677 MPa

τxθ,Ed = Q/(πrt)
= 8.88615099 MPa
< τxθ,Rd= 98.6858677 MPa OK

ch. D.1.6

ki = (χxχθ)
2

eq. D.49
= 0.00226212

Interaction check eq. 8.19

= 0.98777933 OK

f) Plastic resistance of ring due to circumferential pressure

= -75.560283 MPa
B.3.3

= -0.2128459
pnr/t = (qeq+qs)(r/t)

= -24.01 MPa
B.3.3

= -0.0676338
B.3.3

= 0.18836698
l0 =

= 0.18499324 m
Factor A = B.3.3

= -1.1518865
B.3.3

= 1.12515412
B.3.3

= 0.2232448 m
= 106.600956 kN B.3.3

Resistance of ring OK

= 137.74 kN

Shear design buckling
resistance stress

Design value of shear
stress

d) Combinations of meridional (axial) compression, circumferential
(hoop) compression and shear
Buckling interaction
parameter

Circumferential
membrane stress
Dimensionless
circumferential stress
parameter

Sθ =

Dimensionless von Mises
equivalent stress
parameter

Se =

Axial membrane stress
px/t =

Dimensionless axial stress
parameter

Sx =

<

Effective length of shell
without a ring

Dimensionless combined
stress parameter

Sm =

Effective length of shell
with a ring

lm =

𝜎 ,

𝜎 ,
− 𝑘

𝜎 ,

𝜎 ,

𝜎 ,

𝜎 ,
+

𝜎 ,

𝜎 ,
+

𝜏 ,

𝜏 ,

𝐹

2𝜋𝑟𝑡
+

𝑀

𝜋𝑟 𝑡

𝑝

𝑓 𝑡

𝑝 𝑟

𝑓 𝑡

𝑆 + 𝑆 − 𝑆 𝑆

0.975 𝑟𝑡

−𝑆 − 2𝑆 − 1.5

𝐴 + 𝐴 + 4(1 − 𝑆 )

𝑙
𝑆

1 + 𝑆

𝑝 + 𝑝 𝑏 + 2𝑙

𝑓
𝐴 + 𝑏 + 2𝑙 𝑡

𝑟



11 Stiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 1.42 m
Distance of cylinder L = 27 m
Shell thickness t = 11 mm
Shell Radius r = 5 m
Ring web width hr = 360 mm

Ring web thickness twr = 6 mm

Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
External column

F = 4354 kN
V = 1398 kN
M = 13664 kNm

a) Critical meridional (axial) buckling due to axial compression
eq. D.1

0.5r/t=
= 6.05490034 227.27273 medium cylinder

Factor Cx = 1 eq. D.3-D.10
σx,Rcr = 0.605ECxt/r eq. D.2

= 279.51 MPa
eq. D.15

= 0.00938083 m
α xG = 0.83 eq. D.14a

eq. D.14b

= 0.34336423
α x = α xG α xI

= 0.28499231
eq. D.14c

= 0.53048475
eq. D.14d

= 1.09691594
χ xh = 1 eq. D.14d

eq. 8.16

= 0.77909733
= 0.2 eq. D.16

eq. 8.17

= 1.12697816
∈ [λp, +∞]

χ x = 0.2243893 eq. 8.13-8.15

kx = 1.25+0.75χx eq. D.46
= 1.41829197

σx,Rk = χ xf yk eq. 8.12

η x =

Hardening limit

Meridional shell
slenderness parameters

=

Characteristic meridional

Based on BS EN 1993-1-
6: 2007+A1: 2017

Axial force
Shear force
Bending moment

Buckling interaction
parameter

=ωLength parameter

Geometrical reduction
factor

=α xI

Elastic critical meridional
buckling stress

=ΔwkCharacteristic
imperfection amplitude

Imperfection reduction
factor

Meridional elastic
buckling reduction factor

=β xPlastic range factor

Plastic limit relative
slenderness

=

Squash limit relative
slenderness

Interaction exponent

Elastic-plastic buckling
reduction factor

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1

Q
rt

1

1 + 2.2(∆𝑤 /𝑡) .

1 −
0.95

1 + 1.2∆𝑤 /𝑡

5.4

1 + 4.6∆𝑤 /𝑡

𝜆
𝛼

1 − 𝛽

𝜆

�̅� 𝑓 /𝜎 ,

�̅�



11 Stiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

= 79.6582
γM1 = 1.1 ch. 8.5.2
σx,Rd = σx,Rk/γM1 eq. 8.11

= 72.4165454 MPa
r/t = 454.545455

> 0.03E/fyk= 17.746479

= 12.599284 MPa
< σx,Rd= 72.4165454 MPa OK

b) Critical meridional (axial) buckling due to bending
M R,pl = 4r 2 tf y,k eq. E.2

= 390500 kNm
eq. E.5

= 6.05490034

Factor eq. E.4

= 1.10910534
M R,cr = 1.9C m Ert 2 eq. E.3

= 267808.575 kNm
M Ed = 13664 kNm

eq. E.13

= 28.5787471
eq. E.13

= 19.5995737

eq. E.14

= 1.20753097

eq. E.6

= 0.01332078
Table E.1

0.5 ≤ Ω < 7

αG = 1 Table E.1

eq. E.8

= 9.38083152 mm
eq. E.7

= 0.36221444
α = αGαl eq. E.9

= 0.36221444
eq. E.10

= 0.70823894

=

=C m

=
Reference plastic
resistance

Reference elastic critical
resistance

R cr =

First dimensionless length

R pl

eq. D.18 Meridional shell
buckling checking

=

=

ω <

buckling stress

=β
Plastic range factor

=

=αI
Imperfection reduction
factor

Design value of the
meridional stress due to
axial force

σxE,A

Plastic reference moment

Elastic reference moment

ω

Elastic buckling reduction factor

=Ω
Second dimensionless
length

227.27273

Geometrical reduction factor

Slenderness

=

Meridional design
buckling stress

Partical factor

𝐹

2𝜋𝑟𝑡

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1 +
4

𝜔

𝑀 ,

𝑀

𝑀 ,

𝑀

�̅� 𝑅

𝑅
=

𝑀 ,

𝑀 ,

𝐿

𝑟

𝑡

𝑟
=
𝑡

𝑟
𝜔

0.5
𝑟

𝑡

1

𝑄
𝑟𝑡∆𝑤

1

1 + 2(∆𝑤 /𝑡) .

1 −
0.6

1 + 1.2(∆𝑤 /𝑡) .



11 Stiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

eq. E.11

= 0.82056057

χ h = 1 eq. E.11

eq. 8.29

= 1.11421555
= 0.3 eq. E.12
∈ [λp, +∞] eq. 8.26-8.28

χ = 0.24841007 eq. 8.26-8.28

R k = χR pl eq. 8.30

= 7.09924867
R d = R k/γM1 eq. 8.31

= 6.45386243 > 1 OK

c) Critical circumferential (hoop) buckling due to hoop compression
eq. D.1

= 6.05490034
Buckling factors  Cθ = 1.26380122

ω/Cθ < 1.63r/t = 740.90909 short cylinder

eq. D.25

= 88.7159229 MPa
αθ= 0.65 Table D.5

r/t = 454.545455
> 0.21(E/fyk)

0.5= 5.1075752
eq. 8.17

= 2.00038408
= 0.4 eq. D.26

Plastic range factor β = 0.6 eq. D.26
Interaction exponent η = 1 eq. D.26

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.16243761
kθ = 1.25+0.75χθ eq. D.47

= 1.3718282
σθ,Rk = χ θf yk ch. 8.5.2

= 57.6653499 MPa
γM1 = 1.1 ch. 8.5.2

=

Circumferential squash
limit slenderness

Circumferential plastic
limit relative slenderness

Buckling interaction
parameter

Buckling reduction factor
χθ =

∈

Circumferential shell
slenderness parameters

Partical factor

Elastic-plastic buckling
reduction factor

Characteristic resistance

Design resistance

η

Squash limit relative

=

Circumferential elastic
imperfection reduction factor

Plastic limit relative
slenderness

=

Elastic critical
circumferential buckling
stress

Hardening limit

=

eq. D.27 Circumferential
shell buckling checking

Length parameter ω =

=

σθ,Rcr

Circumferential chara-
cteristic buckling stress

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

0.65 + 0.2(
∆𝑤

𝑡
)

𝜆
𝛼

1 − 𝛽

�̅�

𝜆

0.92𝐸
𝐶

𝜔

𝑡

𝑟



11 Stiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

σθ,Rd = σθ,Rk/γM1 eq. 8.11
= 52.4230453 MPa

External water pressure qeq = 166.6 kPa bottom of column
Internal water pressure qs = 70.56 kPa

σMTθ = (qeq+qs)(r/t) eq. D.30
= 43.6545455 MPa

w 0 = σMTθr/E C.5.3
= 0.00103939 m

C.5.3

= 0.34615064
w r = w 0(1-κ ) C.5.3

= 0.00067961 m
w = w r -w 0 C.5.3

= -0.0003598 m
σeq,s = k eq,sσMTθ C.5.3

= 44.0776548
< σθ,Rd= 52.4230453 MPa OK

d) Critical shear buckling ch. D.1.4
eq. D.31

= 6.05490034 < 10 eq. D.33
< 8.7r/t = 3954.5455 short cylinder

Factor Cτ = 1.0905059 eq. D.34

eq. D.32

= 153.559878 MPa
ατ= 0.65 Table D.6

r/t = 454.545455
> 0.16(E/fyk)

0.67= 11.517386
eq. 8.17

= 1.15530056
= 0.4 eq. D.39

Plastic range factor β = 0.6 eq. D.39
Interaction exponent η = 1 eq. D.39

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.48699375
kτ = 1.75+0.25χτ eq. D.48

= 1.87174844
τxθ,Rk = ch. 8.5.2

= 99.8139208 MPa

Shell slenderness
parameters of shear

=

Buckling interaction
parameter

Circumferential design
stress

Length parameter ω

Shear squash limit
slenderness

Shear plastic limit relative
slenderness

=

eq. D.40 Shear shell
buckling checking

Deformation

Deformation

von Mises equivalent
stress of surface stresses

Shear characteristic
buckling stress

Shear elastic imperfection
reduction factor

Elastic critical shear
buckling stress

=τxθ,Rcr

=

∈

Buckling reduction factor
χτ =

Circumferential design
buckling stress

Deformation

Ratio of ring area to total
area

=κ

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

0.75𝐸𝐶
1

𝜔

𝑡

𝑟

�̅� (𝑓 / 3)/𝜏 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜒 𝑓 / 3

𝐴

𝐴 + 𝑏 + 2𝑏 𝑡



11 Stiffened cylindrical shell design for external column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

γM1 = 1.1 ch. 8.5.2

τxθ,Rd = τxθ,Rk/γM1 eq. 8.11
= 90.739928 MPa

τxθ,Ed = Q/(πrt)
= 8.09085856 MPa
< τxθ,Rd= 90.739928 MPa OK

ch. D.1.6

ki = (χxχθ)
2 eq. D.49

= 0.00132855
Interaction check eq. 8.19

= 0.99501305 OK

f) Plastic resistance of ring due to circumferential pressure

= -28.415234 MPa

B.3.3

= -0.0800429
pnr/t = (qeq+qs)(r/t)

= -43.654545 MPa
B.3.3

= -0.1229706
B.3.3

= 0.10810043
l0 =

= 0.22865777 m
Factor A = B.3.3

= -1.174016
B.3.3

= 1.13500344

B.3.3

= 0.29591635 m
= 141.782004 kN B.3.3

Resistance of ring OK

= 153.36 kN

Axial membrane stress

Dimensionless axial stress
parameter

Circumferential
membrane stress
Dimensionless
circumferential stress
parameter
Dimensionless von Mises
equivalent stress
parameter

Effective length of shell
with a ring

Effective length of shell
without a ring

Dimensionless combined
stress parameter

e) Combinations of meridional (axial) compression, circumferential
(hoop) compression and shear
Buckling interaction
parameter

Partical factor

Design value of shear
stress

Shear design buckling
resistance stress

<

=lm

=px/t

=Sx

Sθ =

=Se

Sm =

𝜎 ,

𝜎 ,
− 𝑘

𝜎 ,

𝜎 ,

𝜎 ,

𝜎 ,
+

𝜎 ,

𝜎 ,
+

𝜏 ,

𝜏 ,

𝐹

2𝜋𝑟𝑡
+

𝑀

𝜋𝑟 𝑡

𝑝

𝑓 𝑡

𝑝 𝑟

𝑓 𝑡

𝑆 + 𝑆 − 𝑆 𝑆

0.975 𝑟𝑡

−𝑆 − 2𝑆 − 1.5

𝐴 + 𝐴 + 4(1 − 𝑆 )

𝑙
𝑆

1 + 𝑆

𝑝 + 𝑝 𝑏 + 2𝑙

𝑓
𝐴 + 𝑏 + 2𝑙 𝑡

𝑟



12 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference
Design load on the column
Distance of ring frames l = 2.95 m
Distance of cylinder L = 27 m
Shell thickness t = 12 mm
Shell Radius r = 3 m
Ring web width hr = 388 mm

Ring web thickness twr = 3 mm

Yield strength fy = 355 MPa

Young's modulus E = 210000000 kN/m2

Poisson's ratio ν = 0.3
Internal column

F = 11180 kN
V = 1005 kN
M = 8867 kNm

a) Critical meridional (axial) buckling due to axial compression
eq. D.1

0.5r/t=
= 15.5478652 125 medium cylinder

Factor Cx = 1 eq. D.3-D.10
σx,Rcr = 0.605ECxt/r eq. D.2

= 508.2 MPa
eq. D.15

= 0.00758947 m
α xG = 0.83 eq. D.14a

eq. D.14b

= 0.40485178
α x = α xG α xI

= 0.33602698
eq. D.14c

= 0.45990402
eq. D.14d

= 1.38132307
χ xh = 1 eq. D.14d

eq. 8.16

= 0.78877222
= 0.2 eq. D.16

eq. 8.17

= 0.83578938
∈ [λp, +∞]

χ x = 0.48103919 eq. 8.13-8.15

kx = 1.25+0.75χx eq. D.46
= 1.61077939

σx,Rk = χ xf yk eq. 8.12

Elastic critical meridional
buckling stress

Characteristic
imperfection amplitude

Δwk =

Geometrical reduction
factor

Based on BS EN 1993-1-
6: 2007+A1: 2017

Axial force
Shear force
Bending moment

Length parameter ω =

Interaction exponent η x =

Hardening limit

Plastic limit relative
slenderness

=

Imperfection reduction
factor

α xI =

Meridional elastic
buckling reduction factor

Plastic range factor
β x =

Squash limit relative
slenderness

Meridional shell
slenderness parameters

=

Elastic-plastic buckling
reduction factor

Buckling interaction
parameter

Characteristic meridional

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1

Q
rt

1

1 + 2.2(∆𝑤 /𝑡) .

1 −
0.95

1 + 1.2∆𝑤 /𝑡

5.4

1 + 4.6∆𝑤 /𝑡

𝜆
𝛼

1 − 𝛽

𝜆

�̅� 𝑓 /𝜎 ,

�̅�



12 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

= 170.768912
γM1 = 1.1 ch. 8.5.2
σx,Rd = σx,Rk/γM1 eq. 8.11

= 155.244465 MPa
r/t = 250

> 0.03E/fyk= 17.746479

= 49.4264518 MPa
< σx,Rd= 155.244465 MPa OK

b) Critical meridional (axial) buckling due to bending
M R,pl = 4r 2 tf y,k eq. E.2

= 153360 kNm
eq. E.5

= 15.5478652

Factor eq. E.4

= 1.01654697
M R,cr = 1.9C m Ert 2 eq. E.3

= 175269.967 kNm
M Ed = 8867 kNm

eq. E.13

= 17.2955904
eq. E.13

= 19.7665465

eq. E.14

= 0.93541062

eq. E.6

= 0.06219146
Table E.1

0.5 ≤ Ω < 7

αG = 1 Table E.1

eq. E.8

= 7.58946638 mm
eq. E.7

= 0.41906061
α = αGαl eq. E.9

= 0.41906061
eq. E.10

= 0.67244864

eq. D.18 Meridional shell
buckling checking

Design value of the
meridional stress due to
axial force

σxE,A =

buckling stress

Plastic reference moment

First dimensionless length ω =

Partical factor
Meridional design
buckling stress

Reference elastic critical
resistance

R cr =

Slenderness =

C m =

Elastic reference moment

Reference plastic
resistance

R pl =

= 125

Geometrical reduction factor

=

Imperfection reduction
factor

αI =

Second dimensionless
length Ω =

ω <

Elastic buckling reduction factor

Plastic range factor
β =

𝐹

2𝜋𝑟𝑡

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

1 +
4

𝜔

𝑀 ,

𝑀

𝑀 ,

𝑀

�̅� 𝑅

𝑅
=

𝑀 ,

𝑀 ,

𝐿

𝑟

𝑡

𝑟
=
𝑡

𝑟
𝜔

0.5
𝑟

𝑡

1

𝑄
𝑟𝑡∆𝑤

1

1 + 2(∆𝑤 /𝑡) .

1 −
0.6

1 + 1.2(∆𝑤 /𝑡) .



12 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

eq. E.11

= 0.77649111

χ h = 1 eq. E.11

eq. 8.29

= 1.13109404
= 0.3 eq. E.12
∈ [λ0, λp] eq. 8.26-8.28

χ = 0.4540868 eq. 8.26-8.28

R k = χR pl eq. 8.30

= 7.85369927
R d = R k/γM1 eq. 8.31

= 7.13972661 > 1 OK

c) Critical circumferential (hoop) buckling due to hoop compression
eq. D.1

= 15.5478652
Buckling factors  Cθ = 1.07385259

ω/Cθ < 1.63r/t = 407.5 short cylinder

eq. D.25

= 53.3753844 MPa
αθ= 0.65 Table D.5

r/t = 250
> 0.21(E/fyk)

0.5= 5.1075752
eq. 8.17

= 2.57895443
= 0.4 eq. D.26

Plastic range factor β = 0.6 eq. D.26
Interaction exponent η = 1 eq. D.26

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.09772958
kθ = 1.25+0.75χθ eq. D.47

= 1.32329718
σθ,Rk = χ θf yk ch. 8.5.2

= 34.6939999 MPa
γM1 = 1.1 ch. 8.5.2

Hardening limit

Plastic limit relative
slenderness

=

Squash limit relative

Elastic-plastic buckling
reduction factor

Characteristic resistance

η =

Circumferential elastic
imperfection reduction factor

eq. D.27 Circumferential
shell buckling checking

Circumferential shell
slenderness parameters

=

Circumferential squash
limit slenderness

Circumferential plastic
limit relative slenderness

=

Design resistance

Length parameter ω =

Elastic critical
circumferential buckling
stress

σθ,Rcr =

Partical factor

∈

Buckling reduction factor
χθ =

Buckling interaction
parameter
Circumferential chara-
cteristic buckling stress

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

�̅� 𝑓 /𝜎 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

0.65 + 0.2(
∆𝑤

𝑡
)

𝜆
𝛼

1 − 𝛽

�̅�

𝜆

0.92𝐸
𝐶

𝜔

𝑡

𝑟



12 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

σθ,Rd = σθ,Rk/γM1 eq. 8.11
= 31.5399999 MPa

External water pressure qeq = 166.6 kPa bottom of column
Internal water pressure qs = 70.56 kPa

σMTθ = (qeq+qs)(r/t) eq. D.30
= 24.01 MPa

w 0 = σMTθr/E C.5.3
= 0.000343 m

C.5.3

= 0.24542656
w r = w 0(1-κ ) C.5.3

= 0.00025882 m
w = w r -w 0 C.5.3

= -8.418E-05 m
σeq,s = k eq,sσMTθ C.5.3

= 24.1749954
< σθ,Rd= 31.5399999 MPa OK

d) Critical shear buckling ch. D.1.4
eq. D.31

= 15.5478652 > 10 eq. D.33
< 8.7r/t = 2175 medium cylinder

Factor Cτ = 1 eq. D.34

eq. D.32

= 159.773654 MPa
ατ= 0.65 Table D.6

r/t = 250
> 0.16(E/fyk)

0.67= 11.517386
eq. 8.17

= 1.13261232
= 0.4 eq. D.39

Plastic range factor β = 0.6 eq. D.39
Interaction exponent η = 1 eq. D.39

eq. 8.16

= 0.63737744
eq. 8.13-8.15

eq. 8.13-8.15

= 0.50669988
kτ = 1.75+0.25χτ eq. D.48

= 1.87667497
τxθ,Rk = ch. 8.5.2

= 103.852875 MPa

Circumferential design
buckling stress

Circumferential design
stress
Deformation

Ratio of ring area to total
area

κ

Elastic critical shear
buckling stress

τxθ,Rcr =

Shear elastic imperfection
reduction factor

eq. D.40 Shear shell
buckling checking

Shell slenderness
parameters of shear

=

=

Deformation

Deformation

von Mises equivalent
stress of surface stresses

Length parameter ω =

Buckling interaction
parameter

Shear characteristic
buckling stress

Shear squash limit
slenderness

Shear plastic limit relative
slenderness

=

∈

Buckling reduction factor
χτ =

𝑙

𝑟

𝑟

𝑙
=

𝑙

𝑟𝑡

0.75𝐸𝐶
1

𝜔

𝑡

𝑟

�̅� (𝑓 / 3)/𝜏 ,

�̅�

�̅� 𝛼 /(1 + 𝛽)

�̅� �̅� , +∞

𝛼

�̅�

𝜒 𝑓 / 3

𝐴

𝐴 + 𝑏 + 2𝑏 𝑡



12 Stiffened cylindrical shell design for internal column (EN1993-1-6 (2017))
Designed by: Date:
Checked by: Reference

γM1 = 1.1 ch. 8.5.2

τxθ,Rd = τxθ,Rk/γM1 eq. 8.11
= 94.4117044 MPa

τxθ,Ed = Q/(πrt)
= 8.88615099 MPa
< τxθ,Rd= 94.4117044 MPa OK

ch. D.1.6

ki = (χxχθ)
2 eq. D.49

= 0.00221011
Interaction check eq. 8.19

= 0.99278815 OK

f) Plastic resistance of ring due to circumferential pressure

= -75.560283 MPa

B.3.3

= -0.2128459
pnr/t = (qeq+qs)(r/t)

= -24.01 MPa
B.3.3

= -0.0676338
B.3.3

= 0.18836698
l0 =

= 0.18499324 m
Factor A = B.3.3

= -1.1518865
B.3.3

= 1.12515412

B.3.3

= 0.2232448 m
= 106.600956 kN B.3.3

Resistance of ring OK

= 137.74 kN

Partical factor

Shear design buckling
resistance stress

Design value of shear
stress

Dimensionless axial stress
parameter

Sx =

Circumferential
membrane stress
Dimensionless
circumferential stress
parameter

Sθ =

e) Combinations of meridional (axial) compression, circumferential
(hoop) compression and shear
Buckling interaction
parameter

Axial membrane stress
px/t =

Effective length of shell
with a ring

lm =

<

Dimensionless von Mises
equivalent stress
parameter

Se =

Effective length of shell
without a ring

Dimensionless combined
stress parameter

Sm =

𝜎 ,

𝜎 ,
− 𝑘

𝜎 ,

𝜎 ,

𝜎 ,

𝜎 ,
+

𝜎 ,

𝜎 ,
+

𝜏 ,

𝜏 ,

𝐹

2𝜋𝑟𝑡
+

𝑀

𝜋𝑟 𝑡

𝑝

𝑓 𝑡

𝑝 𝑟

𝑓 𝑡

𝑆 + 𝑆 − 𝑆 𝑆

0.975 𝑟𝑡

−𝑆 − 2𝑆 − 1.5

𝐴 + 𝐴 + 4(1 − 𝑆 )

𝑙
𝑆

1 + 𝑆

𝑝 + 𝑝 𝑏 + 2𝑙

𝑓
𝐴 + 𝑏 + 2𝑙 𝑡

𝑟
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